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"DAMAGE RATE APPROACHES FOR THERMOMECHANICAL FATIGUE 
OF SUPERALLOYS" 
By David L. McDowell 
Principal Investigator 
Project # E-25-M13 
General Motors PO# H636356 
Submitted to Allison Gas Turbine Operations, General Motors 
Corporation 
Sponsor Technical Contact: 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corporation 
2001 South Tibbs Ave. 
Indianapolis, IN 46241 
(317) 242-7703 
Sponsor Administration and Contractual Matters: 
Darrell L. Mackey/UO2 
Allison Gas Turbine Operations 
General Motors Corporation 
P.O. Box 420 
Indianapolis, IN 	46206-0420 
(317) 242-6954 
October 31, 1986 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corp. 
2001 South Tibbs Avenue 
Indianapolis, IN 46241 
Dear Dr. Schneider: 
This report summarizes the activities of our effort on GM 
PO#H636356, "Damage Rate Approaches for Thermomechanical Fatigue 
of Superalloys" from the contract starting date to October 31, 
1986. 
As you know, the MAR-M 246 specimens have not yet been 
received from Allison by this date due to problems with micro-
porosity in the castings. In spite of these difficulties with 
specimen manufacture, the research team at Georgia Tech has been 
fully organized to begin the testing program. A Ph.D. level 
research engineer has been assigned to the project at 1/3 time 
and is aiding in planning, supervision and timely completion of 
the overall experimental program in addition to data analysis. 
In addition, an M.S. student, supported by matching funds from 
Georgia Tech, is engaged in the fatigue component of the 
experimental program. A third student, supported by funds from 
the State of Georgia, has worked on the creep component of the 
experimental program of this project in addition to another 
project. It should be noted that no direct charges were made to 
this project prior to September 15, 1986. 
A November 1, 1986 starting date for testing was requested 
and granted in the Georgia Tech Fracture and Fatigue Research 
Laboratory (FFRL). Delay in specimen manufacture, however, has 
postponed this starting date. I would again like to stress that 
timely acquistion of the specimens is important, since the FFRL 
has a heavy scheduling demand and too lengthy a delay may result 
in a corresponding 1-3 month delay in test starting date. 
The following tasks have been accomplished in the program to 
date: 
(1) A Ph.D. research engineer and 1-2 graduate students have 
been brought into the program. 
(2) The students are 	engaged 	in reading the literature 
concerning damage rate approaches, creep-fatigue 





"DAMAGE RATE APPROACHES FOR THERMOMECHANICAL FATIGUE 
OF SUPERALLOYS" 
By David L. McDowell 
Principal Investigator 
Project # E-25-M13 
General Motors PO# H636356 
Submitted to Allison Gas Turbine Operations, General Motors 
Corporation 
Sponsor Technical Contact: 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corporation 
2001 South Tibbs Ave. 
Indianapolis, IN 46241 
(317) 242-7703 
Sponsor Administration and Contractual Matters: 
Darrell L. Mackey/UO2 
Allison Gas Turbine Operations 
General Motors Corporation 
P.O. Box 420 




"DAMAGE RATE APPROACHES FOR THERMOMECHANICAL FATIGUE 
OF SUPERALLOYS" 
By David L. McDowell 
Principal Investigator 
Project # E-25-M13 
General Motors PO# H636356 
February 10, 1987 
Submitted to Allison Gas Turbine Operations, General Motors 
Corporation 
Sponsor Technical Contact: 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corporation 
2001 South Tibbs Ave. 
Indianapolis, IN 46241 
(317) 242-7703 
Sponsor Administration and Contractual Matters: 
Darrell L. Mackey/UO2 
Allison Gas Turbine Operations 
General Motors Corporation 
P.O. Box 420 
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OF SUPERALLOYS" 
By David L. McDowell 
Principal Investigator 
Project # E-25-M13 
General Motors PO# H636356 
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Submitted to Allison Gas Turbine Operations, General Motors 
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Sponsor Technical Contact: 
Dr. W.E. Schneider/T-10 
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General Motors Corporation 
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Sponsor Administration and Contractual Matters: 
Darrell L. Mackey/UO2 
Allison Gas Turbine Operations 
General Motors Corporation 
P.O. Box 420 
Indianapolis, IN 	46206-0420 
(317) 242-6954 
March 6, 1987 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corp. 
2001 South Tibbs Avenue 
Indianapolis, IN 46241 
Dear Dr. Schneider: 
This report summarizes the activities of our effort on GM 
PO#H636356, "Damage Rate Approaches for Thermomechanical Fatigue 
of Superalloys" for the period January 30, 1987 to February 28, 
1987. 
A total of 24 MAR-M 246 specimens were received in January 
1987 along with a 2" diameter cast billet for machining adaptors 
for the creep machine grips. It should be noted that the last 
report for January indicated we received only 19 specimens; some 
packages, though, contained two specimens. The specimens as-
received had rather severe circumferential machining/polishing 
marks which almost certainly would have significantly degraded 
fatigue life. We attempted to electro-polish the specimens, but 
found it extremely difficult to find a current level which would 
not preferentially etch either the grain boundaries or the inter-
dendritic regions. Electro-polishing of these specimens may 
prove to be a viable way of etching the microstructure for post-
test examination of damage. Instead of the electro-polishing 
process, we went to a sequence of mechanical polishing steps, 
starting at a somewhat coarse grit (400 grit paper dry, 600 wet, 
6 micron diamond paste, 1 micron diamond paste) and finishing 
with diamond paste. Each specimen requires approximately 1-2 
hrs. 
In view of the time required for polishing each specimen, I 
would like to request that all specimens cast by Allison in the 
future be polished there, at least to the 6 micron diamond paste 
stage. We can do the finish polishing, but the condition of the 
gage sections of the first 24 as-received specimens was not 
appropriate for fatigue testing. 
As you know, a quote was obtained on the machining of the 
creep grip adaptor; we have fabricated an identical type 304 
stainless steel adaptor in our shop, and have tried to do the 
same with the MAR-M 246 with little success. Our carbide tip 
tools have failed. Hence, we are going to send the adaptor out 
for machining at a cost of $900. 
We have initiated the testing program, having just completed 
one monotonic and three LCF tests at 900"C at a strain rate of 

900"C Test Matrix for First Set of Specimens 
Environment: 	Laboratory Air 
Strain-Controlled: 
Test Type E 	(sec-1 ) AE/2 Ern.. 
.05 
.10 or 	failure 
.10 or 	failure 












































Test type Engr. Stress 






60 ksi 	to rupture. 
43.5 ksi 	to rupture. 
1/2 	rupture 	time 	at 
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April 8, 1987 
Submitted to Allison Gas Turbine Operations, General Motors 
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Sponsor Technical Contact: 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corporation 
2001 South Tibbs Ave. 
Indianapolis, IN 46241 
(317) 242-7703 
Sponsor Administration and Contractual Matters: 
Darrell L. Mackey/UO2 
Allison Gas Turbine Operations 
General Motors Corporation 
P.O. Box 420 
Indianapolis, IN 	46206-0420 
(317) 242-6954 
April 8, 1987 
Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corp. 
2001 South Tibbs Avenue 
Indianapolis, IN 46241 
Dear Dr. Schneider: 
This report summarizes the activities of our effort on GM 
PO#H636356, "Damage Rate Approaches for Thermomechanical Fatigue 
of Superalloys" for the period March 1, 1987 to March 31, 1987. 
The MAR-M 246 adaptor for the creep tests is being 
machined by an external agency. 	Completion of this task should 
take 2-3 weeks. 	Concurrently, we are modifying one of the 
existing creep frames so we can run some long-term, uninterrupted 
creep tests. The creep tests should begin in the next month or 
SO. 
In this report, we present the data from the first monotonic 
test of the matrix in Table I in addition to five of the fatigue 
tests at 900"C. It should be noted that specimen F8 (GM ID 942-
5) buckled at 118 cycles; this buckling event occurred by virtue 
of extensometer instability after the failure crack had formed. 
As mentioned in the last report, we have had some problems with 
fracture in the fillet or near-fillet region of the specimens in 
these early tests. To correct this situation, we have designed 
and machined a restraining collar with a teflon bushing for the 
servohydraulic ram in the low pressure seal region to maintain 
less than one mil lateral deflection under compressive load. 
Though such a modification is somewhat unusual for routine 
fatigue testing, this material has very high strength and low 
ductility, and as a result is quite unforgiving in terms of 
misalignment. Hopefully, this procedure will correct problems 
with cracking in the fillet or near-fillet region. 
Attached please find plots of some of the hysteresis loops 
acquired at various cycle numbers for each specimen in addition 
to a monotonic test run to approximately 5% strain at a rate of 
0.001 sec :1, (specimen M1). It is apparent that the cyclic 
stress-strain response is immediately stable; negligible cyclic 
hardening or softening is observed to occur, even for a total 
strain range as high as 2Y.. This result is somewhat surprising 
given the very high temperature of these tests. We are not yet 
fully able to assess strain rate sensitivity, since these 
experiments were conducted predominately at a single strain rate. 
Note that the hysteresis loops for specimen F8 indicate a control 
instability in the unloading regimes of the loops, which may have 
contributed to the eventual buckling problem. 
Also attached please find strain-life and stress-life curves 








900 - C Test Matrix for First Set of Specimens  
Environment: Laboratory Air 
Strain-Controlled: 





















F1' 10 - .0097 863 
F2" .0076 725 
F3 .006 
F4'  .004 550 
F5'  Sequence:0.002 followed 284 
by 0.004 
F6 10-E' .01 
F7 .008 
F8" .0063 780 
F9 .004 
F10 .003 





Test type 	 Engr. Stress 
Constant Load Creep 
F15 
	
60 ksi to rupture. 
F16 43.5 ksi to rupture. 
Sequence Creep 
F17 	 1/2 rupture time at 60 ksi; 
switch to 43.5 ksi and hold to 
rupture. 
' Denotes completed experiment. 
" Buckled after failure crack formed. 
AR—V 2L6 90J DE] C RATE o ,11 /SEE 










100 	 1000 
	
10 00 0 











































I I 1 1 	1 1 	1 	i 1 I I I I 	I 	11 
10 	 100 	 1000 
# REVERSALS TO FAILURE 
1000 0 
1 V V V RAT 1 /S :TO\I spF -il 








EYE LE #1-7 S -LIVEN Fl RATE = 001 /SE: 












1 00 0 
-1 	1 I 	7 -7- T T 	-r- ---r 
G. 50 0. 00 1. 00 -0. 50 








STRAIN 	(7.) 	 , 	 L 1 	-1000 
-1. 00 
CYCLE #16-17 PEE V EN Fl RATE = a 	 /S 
STRESS 	(MPa) 
1 /S ECIiv \ F2 RAT CYCLE #1-2 SP 










-1000 	' STRAIN 	(7.) 
_N F2 RATE = 2Y2LE #8-9 SPE: Li 1 /SE: 0 
I 	 T 1 
-1000 " 	 
-1.00 
STRAIN 	(%) 










1Y:L F2 PAT 
_ 
_,1 1  / SEC #32-33 SP 
1 I 	i -T 	-F -T--r ---1-----T i 	i 
STRAIN 	CD --1000 	-1 	 ' 
-1.00 0. 50 	1. 00 
I 	1 	I 	J__ L____L 	_I- 	1 	1_1_1111 	1  _I__ 
-0. 50 	0. 00 
STRESS 	(MPG) 











IN #2 SP a _ill /SE: IN F4 	. =ATil 












-1000 ' 1 -wl , 	1 	i _, 	I 	 , i	STRAIN 	(%) 
-1. 00 -0. 50 	0. 00 0. 50 	1.00 
_ L, a 0 L. I LYCL FL RATE = E #16-17 SPECIM - 




















EY2L #54-65 SPECD/ E\ F4 RAT 1J21 /SEC 
STRAIN 	(%) 
--r 	I 	I 	1 













-1000 ' J._ 1 













   
   














lit 	'lit' 	J___] 	STRAIN 	(7.) 
  
 
-0. 50 	0. 00 	0. 50 	1. 00 
I 
CYCLE #1-2 SPiLIMI- N F5 RATE = 	/S__2 









-1000 - I I I I 	i 
-1. 00 
	
-0. 50 	0. 00 
I I 	I 	I 	STRAIN 	(7) 
0.50 	1.00 
STRESS 	(MPa) 




T 	, 	 r 
1 
	J_  I  
It 
STRAIN 	(7) 
CYCLE #12935 PE:IMEN F5 RATE = .D01 /SEE 
-1000 	I. I 
-1. 00 0. 00 
I 
11 

























L 	 J_ 	 J__ I 	L 1. STRAIN 	(%) 
-1. 00 -0. 50 	0. 00 0.50 	1.00 













I 	I 	 j_ 	[III  STRAIN 	(7.) 
CYCLE #16-1S 
	




"DAMAGE RATE APPROACHES FOR THERMOMECHANICAL FATIGUE 
OF SUPERALLOYS" 




Project # E-25-M13 
General Motors PO# H636356 
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May 31, 1987 
.Dr. W.E. Schneider/T-10 
Allison Gas Turbine Operations 
General Motors Corp. 
2001 South Tibbs Avenue 
Indianapolis, IN 46241 
Dear Dr. Schneider: 
This report summarizes the activities of our effort on GM 
PO#H636356, "Damage Rate. Approaches for Thermomechanical Fatigue 
of Superalloys" for the period April 1, 1987 to May 31, 1987. 
In this report, we update the database which has been 
previously reported with the remainder of the monotonic tests in 
air at 900'C and fatigue tests at several strain rates. 
We have made a concerted effort to accurately align our 
machine, including construction of a teflon restraining collar 
for the servohydraulic ram near the low pressure seal region to 
maintain less than one mil lateral deflection under compressive 
and tensile loading. This was done, as discussed previously to 
alleviate persistent cracking in the specimen fillet region. 
After a cursory dimensional inspection of the first lot of 
specimens shipped to us, most of which we have tested, we have 
determined that some are significantly out of tolerance with 
respect to the parallel button-end surfaces. These surfaces must 
be perpendicular to the specimen centerline and all of the four 
surfaces (A,B,C and D in the attached drawing) must be parallel 
to within 0.001" as specified in the original drawing. This 
parallelism is very important since we may associate a bending 
strain of approximately 5% of the uniform strain with each 0.001" 
out of tolerance. We suspect that some of our problems with 
fillet cracking may be related to specimen geometry errors. 
Due to the machining tolerance problems, we will re-run at 
least a few of the previous experiments to validate the results 
with more accurately machined specimens. It should be noted that 
the failure cracks occurred seemingly at random in the uniform 
section near the top or bottom fillets or in the gage section; 
however, the data is consistent in all cases when plotted as log 
strain or stress vs. log life as seen in the attached plots. 
Hence, we have confidence at this point that the data is valid. 
A second lot of specimens was received the week of May 10-
17. Inspection of several of these specimens using gage blocks 
revealed significant deficiencies in machining tolerances; errors 
in both the parallelism of the button-end surfaces and the radius 
of the button-end fillets were quite in excess of tolerance. 
,4411ROWPONIII 

900'C Test Matrix for First Set of Specimens 
Environment: 	Laboratory Air 
Strain-Controlled: 
Test Type e rate AE /2 	fm.,. Aa/2 2ar 
(sec-1 ) (MPa) 
Monotonic 
M1* 10-° .0475 then unload 
M2'  10-e .072 at failure 
M3'  10-8 .0315 at failure 
.M4' 10-4 - 	.043 at. failure 
M5' :107 1.. .059 at failure 
Fatigue 
F1'  10- .0097 863 36 
F2'  .0076 725 90 
F3'  .006 710 192 
F4* .004 550 1166 
F5* Sequence:0.002 followed 
by 0.004 
284 144724 
F6* 10-e! .01 1019 48 
F7 .008 
F8' .0063 780 236" 
F9 .004 
F10 .003 
F11'  10-4 .01 745 28 
F12'  .008 752 50 
F13'  .004 516 748 
F14 .004 
Creep tests: 
Test type Engr. Stress 
Constant Load Creep 
F15 60 ksi 	to rupture. 
F16 43.5 ksi 	to rupture. 
Sequence Creep 
F17 1/2 	rupture 	time 	at 	60 ksi; 
switch to 43.5 	ksi and hold to 
rupture. 
' Denotes completed experiment. 




TO: Dr. Dave McDowell 
FROM: Roger Oehmke 
SUBJECT: New specimens from GM 
The most recent batch of specimens received from General Motors are 
not suitable for use in our testing machines. Most of them will not 
fit into the specimen grips because the button end radius is too 
large. Instead of a .050 inch radius it is closer to .100 inches. The 
excess material interferes with the specimen holders. 
A quick check of the specimens with a machinists square indicates'that 
the button ends on most of the specimens are not flat as is absolutely 
essential for this type of specimen. If the .001 inch tolerance for 
surfaces A, B, C, and D (see attached drawing) is not met, the 
specimen will bend. 
Two randomly selected specimens were taken to the GTRI machine shop 
for inspection. Neither of the specimens was within specifications. 
One of them (#T010-3) varied between 0 and .004 inches on only one 
surface (A). Another of the specimens (#T010-5) has a flat spot about 
.050 inches wide that runs the length of the gage section. 
Attached is a table of specimen discrepencies noted during a simple 
visual inspection with a machinists square and radius gage. The table 
is not complete. I am sure that a more detailed inspection would 
reveal many more serious deviations. 
I encourage you to return these specimens to General Motors and 
request that they provide us with specimens that meet specifications. 
It is the only way to ensure the integrity of our tests and the 
validity of the results. 
Specimen radius ends comments 
1010-5 bad end out .0025. Flat in gage section. 
1010-3 bad end out 	.004. 
T001-5 bulged sharp edges 
1016-1 bulged 
T015-3 bulged 
TO01-3 not ground 
1011-2 bad bulged 
T015-5 bad bulged 
S999-1 bad not ground 
TO11-3 bad 1/32" too long. scratches in gage section. 
TO01-4 bad bulged 
1010-4 bad bulged 
S999-5 bad bulged 
S999-4 double shoulder short ends 
T010-2 bulged circumferential scratches 
T010-1 bad 
1015-1 bad bulged 
T011-5 bad bulged 
T011-1 bad not ground 
1016-4 bad bulged 
Surfaces A, B, C and D Must Be Parallel Within .001 
. 500 ± .00i 
.500 ± .010R 
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Determination of Young's Modulus  
MONOTONIC TEST 
	
STRAIN RATE 	YOUNG'S MODULUS  
M-01 10- :=3 sec-3 140396.0 MPa 
M-02 10-e sec'"' 161001.0 MPa 
M-03 10-15 sec-1 123141.9 MPa 
M-04 10-4 sec-1 146615.8 MPa 
M-05 10-1 sec - ' 156413.3 MPa 
Average value of E (Young's Modulus)... = 145513.6 MPa 
Standard Deviation 	 = 14887.6 MPa 
1. 
1. 00 0.20 
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E = 146615.8 MPa 
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01 
_ = 5 Point Averaging of Data 
















TEST F01 CYCLE #8 STRAIN RATE = .001 /SEC 
714 












_ - 5 Point Averaging of Data 











ST 	I.D. 	2N.r 
= 10-" sec-1 
 CYCLE ANAL. Aa/2 AE/2 AER/2 
F-11 	28 8 746.94 MPa 0.9967 % 0.4537 % 
=-12B 50 8 763.79 MPa 0.8121 % 0.2872 % 
F-13 	748 128 510.83 MPa 0.4024 Y. 0.0514 % 
Strain Rate = 10- 	sec-1 
ST 	I.D. 	2N1, CYCLE ANAL. Aa/2 LE/2 AE '/2 
''-'1 -01 	36 8 871.60 MPa 0.9824 % 0.3834 7. 
-02 90 16 717.51 MPa 0.7158 'h 0.2227 7, 
-03 	192 32 723.34 MPa 0.6058 % 0.1087 % 
=-04 1166 
Strain Rate = 
200 
10-22 sec-1 
556.69 MPa 0.3968 'B 0.0142 ', * 
3T 	I.D. 	2N,r. CYCLE ANAL. 0/2  MEP/2 
-06C 	48 16 1015.25 MPa 1.0143 7. 0.3163 % 
-08 236 64 775.52 MPa 0.6387 % 0.1057 % 
dcr/2 and 4E/2 were determined from the complete 	hysteresis loop 
data files - using the points of maximum and minimum a and E and taking 
the average of the two values to determine the respective amplitudes. 
LIER/2 was determined from : ,CEP/2 = AE/2 - as /2E.,.,.. 
Where E.,. is the average computed 
Young's Modulus (145513.6 MPa). 
* This use of this small strain amplitude data point resulted in 
unreasonable values for the fatigue life constants. Therefore, it 
was not used in the determination of those values. (See pages 
22 - 24.) 
9. 
der 
--z- = 74fi. 94 MPG 
tkg = 0.9967 7 
12E. 
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0. 2972 X 
5 Pt. Avert-xiinq 
1 1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 
TEST F12B CYCLE #8 STRAIN RATE =4 .0001 /SEC 
STRESS 	(MPa) 
-0. 50 
-1000 	I llllllllllllllllll 
-1.00 1. 00 0.50 









5 Pt. Averaging 
-750 
I 	I 	1 	I 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 	1 
0.00 
STRAIN 	(7.) 
64- - 510. 83 MPa 
= 0. 4024 Z 
4fir.  0. 0514 Z 
1 	1 	1 	1 	1 	1 	1 	1 	1 	1 11111111111 	llllll 	11 
Mar M 246 at 900 deg C ; Rote = .0001/sec. 
Stress Amplitude (MP& 
a 
11E36.53 MPG 
h = -0.12596 
- 0.12596 
= 1186.63 2441 
100.0 
Number of Reversals 
1000.0 
Mar M 246 at 900 deq C : Rate = .0001/sec. 
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Mar M 246 at 900 deg C : Rate = 0001/sec. 
Total Strain Amplitude (in/in) 
et' 	et ' I- i 1.2 ;1 	€41 U44] 
E = 145513.6 MPa 
= 1186.53 MPa 
b = -0. 12596 
= 0.03879 in/in 
c = -0.6545 
— r. POINTS eENERATED BY ABOVE 4 
6QUilroN 
A = STRAIN AMPLITUDE AS CALCULATED 
FROM THE CHOSEN HYSTERESIS LOOPS. 
Jill 	J 	1 I 1 1111  
10 	 100 	 1000 	10000 
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TEST F01 CYCLE #8 STRAIN RATE = .001 /SEC 
STRESS 	(MPa) 
QZ 
= 717.51 MPo 
11.7159 7. 
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TEST F04 CYCLE #200 STRAIN RATE 	.001 /SEC 
10000 100 	 1000 
Number of Reversals 
10 
Slope = -0.12117 
Stress Intercept = 1314.17 MPa 
-o.12.117- 
6-1- = 1311.17 1. 2N4 1 
1000 
100 
Mar M 246 at 900 deg C ; rate = .001/sec. 






2. 00 	 3.00 





Mar M 246 at 900 deg C ; rate = .001/sec. 
Log of Stress Amplitude (MPa) 
Slope = -0.12117 
Stress Intercept = 3. 11865 
- or - invers ,2 1o9 yeld 	: 1314.37 !1F' , IJ 
-0.12117-  
ticr = 1314.1T 1.zmil 
2. 
Mar M 246 at 900 deg C : Rate = .001/sec. 
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1...■ - - .......1 
411 . ;€ P 4 € 4 1. 244
1 c 
Slope = -0.7475 




2.00 	 3. DO 
Log Number of Reversals to Failure 
El 0.05836 in/in 
c = -0.7475 
Mar M 246 at 900 deg C : Rate = .001/sec. 
Plastic Strain Amplitude (in/in) 
-2 
/0 
1 	I 	1111111 	I 	1 	11111L 





10 	 100 	 1000 
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10 	100 	1000 
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10000 
Mar M 246 at 900 deg C : Rate = .001/sec. 
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b 	-O. 1212 
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TEST FO6C CYCLE #16 STRAIN RATE = .01 /SEC 
STRESS 	(MPa) 











-1. 00 0.00 
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5 Pt. Averaging 
1. 00 0.50 -0. 50 
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nE = D. fl3R7 
oEP 0. 1057 Z 
a 
Mar M 246 at 900 deg C : Rate = .01/sec. 
PLastic Strain Amplitude (in/in) 
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I 	I 	1 	111111 	 1 	11111 
  
10 	 100 	 1000 
Number of Reversals to Failure 
I 	I 	1 	1 	1 	1 1 1 1 	I 	I 	1 	1 	1 	1 	I L. 
1 	1 	1 	1 	1 	1 1 I 	I 	1 	1 	1 	1 	1 	1 
Mar M 246 at 900 deg C : Rate = .01/sec. 




10 	 100 100 
Number of Reversals to Failure 
0.5= 1953.9B MPa 
h = -0. 1591 
—0./69/ 
/953.9F 1.2441 
1 	I 	1 1 1 1111 
	
1 	1 	1 1 1 1111 	I 	I 	1 1 T1111 
j 	1 	1 111111 
	
1 	1 1 11111 	1 	1 	1 1 1 1111 
	






10 	100 	1000 
	
10000 
Number of Reversals to Failure 
Mar M 246 at 900 deg C : Rate = .01/sec. 
Total Strain Amplitude (in/in) 
6 	/ 
AeT 	!_3_1 	t- G [214-fl a E 4 
E = 145513.6 MPa 
ci s = 1953.98 MPa 
b = -0.1691 
G = 0.04537 in/in 
c = -0.6881 
-- 7 Min/Ts GENERATED 8V ABovE 
aZ 
EGIATion 
= srRA' AMPLITUDE AS CALCULATED 
FRofri THE cf-OSEN f4YSTER•US 
LOOPS. 
SUMMARY OF FATIGUE LIFE CONSTANTS 
	
Strain Rate 	 my ' 	 b 	 El, ' 
10-4 sec-1 	1186.53 MPa 	-0.1260 	0.03879 in/in 	-0.6029 
10-3 sec-1 	1314.17 MPa 	-0.1212 	0.05836 in/in 	-0.7475 
10-° sec-1 	1953.98 MPa 	-0.1691 	0.04537 in/in 	-0.4837 
AE 	 6 
2. E 1214ii + €4 . t2N4] 
E Fatigue strength coefficient. 
b = Fatigue strength exponent. 
E Fatigue ductility coefficient. 
c s Fatigue ductility exponent. 
30. 
Mar M 246 at 900 deg C 
Stress Amplitude (MPa) Calculations based on loop tips. 
   
For i = .01 	: 	For a = .001 s : 
	
= K s t417 in = K s MP ] n 
K I= 4178.30 MPa 	K I= 1630.01 MPa 
n'= 0.2458 	 n'= 0.1219 
For a . .0001 s : 
Tr - K s [VI ni 
KC 2194.27 MPa 
= 0.1908 
10000 
	 I 	I 	1 	1 	1 1 1 11 	1 	1 	1 	1 	I I 1 L. 
= .01 




e = 0001 s"4- 
100 I 	I 	1 	1 	1 	1 	1 11 	I 	I 	I 	I 	I 	I 	I 	1 
9 of •Ocr * 4e . 	- 
-T. a 	2 
  
-4 	 -3 
AD 0 Plastic Strain Amplitude (in/in) 
-2 
/0 
Mar M 246 at 900 de9 C 
Calculations based on loop shape. 
Stress Amplitude (MPa) 
100011. 
For 	.01 	: 	For a 	.001 s-1 : 
	
41= K'[. 	" 141
. 
K - 2016.04 	MPa 	K = 2906.50 MPa 
n 	0.1187 	 ni = .2290 
For a= .0001 
-1 K i t4T 1 












SUMMARY OF CYCLIC CONSTANTS 
I. Using Hysteresis Loop Shape 
STRAIN RATE K' 	 n' 









II. Using Hysteresis Loop Tips 










   
dicr _ 	r 	n 
7 - ^Lzi 
K' E Cyclic strength coefficient. 
n' E Cyclic hardening exponent. 
* It should be noted that these calculations are based 
on a relatively small number of hysteresis loop tips 
and, hence, this procedure has a much lower confidence 
level than using the hysteresis loop shape. 
33. 
. ,,,,,MMOMIWOMMOWMIONOWO 
0. F5 ". 	 2.48 X 
MONOTONIC TEST #M-03 STRAIN RATE = .00001 /SEC 
STRESS 	(MPa) 
Box defines data used to determine 
the strength coefficient, K, and the 








Failure at 3.24 % Strain 
2.00 	3.00 
STRAIN (7.)  
4.00 	5.00 
MONOTONIC TEST #M-03 STRAIN RATE = .00001 /SEC 
LOG STRESS 
K ..= 899.27 MPa 	n = 0.06186 
-1. 50 -2. 00 
LOG PLASTIC STRAIN 
1000 
O.75 7. 2.607. 
tuiruTIT- 1 ' I. I VIFI ll 
Failure at 4.3 7. Strain 
500 
250 
2. OD 	3. OD 
STRAIN (7.) 
4.00 5.00 1.00 0.00 
750 
MONOTONIC TEST #M-04 STRAIN RATE = .0001 /SEC 
STRESS 	(MPa) 
Box defines data used to determine 
strength coefficient, K, and the strain 
hardening exponent, n. 
MONOTONIC TEST #M-04 STRAIN RATE = .0001 /SEC 
LOG STRESS 
3.50 







362 Data Points 
2.50 	I 	I 
-2.50 
111111 11 1111 1 1 	1 	I 	I 
 
-2.00 	 -1.50 
LOG PLASTIC STRAIN 
1. 15 % 2.70 % 










MONOTONIC TEST #M-01 STRAIN RATE = .001 /SEC 
STRESS 	(MPG) 
Box defines data used to determine 
the strength coefficient, K, and the 
strain hardening exponent, n. 
MONOTONIC TEST #M-01 STRAIN RATE = .001 /SEC 
LOG STRESS 
3.00 I 	1 	1111111 	1 	11111111 	1 	1 	11111111i 
K = 907.21 MPo 	n = 0.02589 
2.75 ' 
-2.25 -2.00 
LOG PLASTIC STRtIN 
313 Data Points 
1 11 1 11111 111111111 11 111 1 111 
-1.75 	 -1.50 
1000 II 	it 	 1 	1 	1 	1 
Box defines data used to determine 
the strength coefficient, K, and the 
strain hardening exponent, n. 
MONOTONIC TEST #M-02 STRAIN RATE = .01 /SEC 
STRESS 	(MPa) 




Failure at 7.2 X Strain 
I- 
0 	  
0. 00 2. 50 	 5.00 	 7. 50 
STRAIN 	(7) 





K = 1049.93 MPa 
270 Data Paints 
2.50 	1 	I 
-2.50 
1111111 	I 	I 	IlL11111 
 
 
-2.00 	 -1.50 
LOG PLASTIC STRAIN 
I 
. 	 . 	 • 
MONOTONIC TEST #M-05 STRAIN RATE = .1 /SEC 
STRESS 	(MPa) 
1250 	I 	I 	I 	I I 	I 	I 	I 	I 1111111 -111111111111_ 
1.1 1 % 4.92% 
Box defines data used to determine 
strength coefficient, K, and the strain 




Failure at 5.9 X Strain 
250 
	








MONOTONIC TEST #M-05 STRAIN RATE = .1 /SEC 
LOG STRESS 
3.50 	I 	1 I r I I I I I, 	I I IIII -r-rilliffilli 
K . 1332.97 MPa 	n . 0.06991 
3.00 
............. 
66 Oata Paints 
2.50 ' 
-2.50 
I 	I 	1 	1 	11111111111111i  
-2.00 	 -1.50 	 -1.00 
LOG PLASTIC STRAIN 
MONOTONIC ANALYSIS 
STRAIN RATE MONOTONIC TEST 
10- 	sec-1 M-03 899.72 MPa 0.06186 
10-4 sec-1 M-04 885.83 MPa 0.05446 
10-3 sec-1 M-01 907.21 MPa 0.02589 
10-° sec-1 M-02 1049.93 MPa 0.02666 
10-1 sec-1 M-05 1332.97 MPa 0.06991 
K E Strength Coefficient 
n a Strain-hardening Exponent 
- K 
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CREEP TEST ANALYSIS 
OF MAR-M 246 IN AIR AT 900°C 
RESULTS AND DISCUSSION 
Xxperimental Procedures  
Three creep tests were completed for this study; a high 
stress level (413 MPa) and a low stress level (300 MPa) test, 
as well as a high-low step stress sequence (415/299 MPa) test. 
The tests were performed using a SATEC C-Type creep frame, 
consisting of a 20:1 lever arm with a twelve-thousand pound 
pulling capacity, an automatic control load elevator, and a 
furnace shutoff interlock. 
Temperature control was accomplished with an OMEGA Model 
115 controller fed with an input signal from the interior of a 
rebuilt SATEC C-Type resistance furnace via a chromel-alumel 
thermocouple. The maximum operating temperature of the furnace 
was 2000°F (1143°C). A temperature gradient of only 1°C over 
the gage section of a test specimen, affixed with five beaded 
chromel-alumel thermocouples, was achieved with this setup. 
Engineering creep strain was measured with a ATS 
capacitance gauge attached to a four arm high temperature 
extensometer. An output signal was sent to an amplifier and 
recorded with a strip chart recorder. The capacitance gauge 
1 
used had a resolution of lx10 5 inches (0.01%) for a maximum 
amplified output of ten volts. 
A set of MAR-M 246 adapters were specially made to adapt 
the button-head LCF-type specimens to the 0.75" pull rods. The 
pull rods attached to these adapters were also fabricated out 
of MAR-M 246 to ensure proper perfomance of the mechanical 
system at the operating temperature of 900°C. 
Fundamental Results  
Engineering strain versus time data for secondary and 
tertiary creep is presented in Figure 1. The corresponding 
basic characteristics of the trio of creep tests are outlined 
in Table 1. 
To begin to characterize creep life with a continuum 
damage model, the steady state (stage II) creep strain rate 
was assumed to behave as dictated by a Norton power law creep 
6 
ss
c = A(a) n 	
(1) 
where e ssc = steady state creep strain rate 
a 	= applied nominal stress 
A,n = constants 
As calculated from the two constant nominal stress creep 
tests, the exponent n was determined to be 6.65, and the 
2 
Dc = 
[A 	(1-Dc ) 
r (1-Dc ) r-k (a) a (2) 
constant A = 3.18x10 -21 hr-1 MPa-6 ' 65 . This formulation provides 
a simple, although incomplete, description of the dependence 
of creep strain rate on stress. As the continuum damage model 
is developed, the creep strain rate will be predicted not only 
for steady state creep, but for tertiary creep coupled with 
the damage parameter Dc discussed in the program proposal. 
Application of the Continuum Damaae Approach  
The scalar creep damage parameter can be interpreted as 
the normalized loss of area of the specimen cross section due 
to the formation of voids or cracks [22]. In other words, a 
high value of Dc would correspond to a high ratio of void area 
to grain boundary area in a specimen undergoing creep damage. 
With no damage, Dc is set equal to zero; and at failure, the 
parameter is normalized to unity. 
A generalization of the damage rate method and a specific 
form of the continuum damage approach was suggested by 
Chaboche et. al. [25] as a creep damage model : 
3 
where A,r = temperature dependent constants 
k(a) = stress dependent constant 
By factoring out the quantity (1-Dd r and combining constants, 





It is important to note that the purpose of the stress 
dependence on the parameter k, as defined by Chaboche, is to 
account for nonlinear damage cumulation for stress amplitude 
step tests. 
This form of the differential equation is solved by 
separation of variables 	 for a constant nominal stress 
creep test. The damage parameter limits of integration are Dc= 
0 to Dc= 1 and the time limits are t = 0 to t = t = time to 
rupture). The following expression results: 
1 
tR = Bar [c(a) + 1] 	 (4) 
By taking the logarithm of both sides, the material constant r 
is readily determined. 
log tit = -log B[k(a) + 1] - r log a 	 ( 5 ) 
4 
The quantity -r is the slope of the time to rupture versus 
stress plot on a log scale. This calculation is shown in 
Figure 2; i.e. r = 5.76. 
It is important to note, however, that there is an 
appreciable amount of scatter in creep rupture time data, 
typically as much as a factor of two at a given stress level. 
The preliminary analysis herein is somewhat incomplete since 
there were only two constant stress creep tests performed, and 
hence, only two data points for the determination of r. In a 
worst case consideration, r could change from its present 
value by as much as ±50% given sufficient data to characterize 
it with some measure of statistical support. In an attempt to 
study the question of scatter in rupture time, the two 
constant nominal stress creep tests will be repeated under 
identical conditions. 
In further characterization of the creep damage of MAR-M 
246 using expression (3), the constants B and k(a) were 
estimated. This was accomplished using data from the step-
stress sequence creep test. As with the above determination of 
r, the solution to the continuum creep damage model was 
utilized. Dividing the limits on integration into two parts -
one for the high stress level initial segment of the step 
stress test, and the other for the low stress level completion 







Do ) k(aEd dDc B(crld r dt 
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1 I R 
	
DC 	Low 1(1 k (a) dDc 	
• 	
B (aLow ) r dt 
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where a ,a = low and high stress levels, respectively, of 
LOW HI 
the sequence creep test 
= scalar creep damage parameter 
D = value of D at time at which stress level was INT 	 C 
decreased 
t = time at which stress level was decreased INT 
t = time to rupture 
k(am),k(a HI ) = constants depending on low and high 
stress levels respectively 




The solution of these integrals is : 
1 - [1 - D ]
(k(cri ) + 1) 
INT • B(cr.) (L INT ) (7a) 
k(crin ) + 1 
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k(aum) + 1 
Thus, two equations were formulated containing four unknown 
quantities, DIRT,  k(am ), k(aum), and B. To complete a system of 
four equations, two additional expressions were required. By 
using the constant-stress-to-failure creep tests, two 
equations in the form of (5) were incorporated without 
adding any additional unknown variables. For the high stress 
level test, 
-1 (tRa ) 	= Bar[k(a HI) + 1] 
and for the low stress level creep test, 
-1 (tRL ) 	= Bor [k(aLow) + 1) 
where tRH  and tRI, are the rupture times of the respective tests 
in the absense of loading sequence effects. 
An iterative approach was developed to solve this set of 
four nonlinear equations. First, the creep damage parameter at 
the time of stress interruption was selected and held fixed. 
An arbitrary value for the constant B was then used in 
expressions (8) and (9) to obtain a first estimate of k(am ) 
(8) 
(9) 
and k(a LOW ) respectively. Constant B and these values of 
k(a) 
were subsequently used in a Gauss-Seidel iteration routine of 
equations (7) to get a further calculation of k(an ) and 
k(a
LOW 
) based on the scalar creep damage parameter. This 
process of altering the value of B and iterating was repeated 
until convergence was reached with the value of k(am ) being 
slightly greater, but reasonably close to the value of k(aum). 
This procedure was carried out for fixed values of DINT  ranging 
from .05 to .20. The results of this iteration procedure are 
presented in Table 6. 
Based on the application of a similar creep analysis 
performed on IN 100 (also a Ni-base superalloy) by Chaboche 
and workers [25], reasonable values for k(a) would be in the 
range of 4 or 5. The values of k(an ) settled upon were 
greater than k(a
LOW 
) to produce a greater damage rate for the 
more highly stressed case. It should be noted that the 
estimates of k(a) for each stress level calculation using the 
equations based on constant stress are also included in the 
tabulated results. With these calculations, the values of 
k(a HI  ) are slightly less than the calculations for k(aLOW ) - 
and are both higher than the "anticipated" values. 
Consideration of strain to failure in the coupled strain -
damage equation will result in some further iteration of k(a) 
values as discussed later. 
It is encouraging that the measures for the creep damage 
8 
parameter are within reason, based on the work of Chaboche, 
since k(a) values are in the proximity of 4 to 5. More 
specifically, using the iterated formulations of (7), k(a) 
ranged from 3.75 to 5.97 for DINT between .07 and .10. Using 
the equations based on the constant stress tests (8 and 9), 
k(a) was estimated between 4.03 and 5.27 for the damage 
parameter valued in the range .10 to .12. 
Much of the previous analysis was based on a rough 
estimate of the value of the interrupted creep damage 
parameter. It is possible; however, to determine D m based 
entirely on metallurgical study, and therefore determine the 
values of the other constants of the continuum damage equation 
more readily. This would require another creep test at the 
same stress level as one of the previously completed constant 
stress tests. At a predetermined time, the creep test would be 
halted and the MAR-M 246 specimen removed and sectioned. From a 
study of void growth as a function of grain boundary area, the 
damage parameter could be determined directly. 
If this test were conducted at the higher stress level (a 
= a HI ) then the expression involving aUm  would be eliminated 
and only two equations with two unknown quantities (k(a n ) and 
B) would remain. These parameters could be solved explicitly 
and the resulting value of B could be used in conjunction with 
the test data for the low stress level test to determine 
k(aum) explicitly. 
9 
It is therefore felt that at least one additional creep 
test be run at either a stress level of 300 MPa or 413 MPa and 
halted before rupture. A study of DINT  based on the physical 
condition of the MAR-M 246 specimen and the resulting 
calculations of the remaining continuum damage equation 
constants, as outlined, would yield invaluable information on 
the accuracy of the creep characterization performed in this 
study. 
Creep Strain Rate Analysis  
Using the effective stress concept for uniaxial loading, 





where D = D (10) 
1 - D 
where 5 = effective stress 
Then the creep strain rate equation (1) may be re-written 
as, 
a i n ic e =A [
1 Dc 
Which, by considering a separate exponent on the damage 










The creep strain rate g is used here since both secondary and 
tertiary creep are included. 
The main purpose of this dual exponent approach is to 
better model the tertiary creep regime and rupture time. Using 
the values of B and k(am ) deemed most likely to represent the 
true physical situation, the set of coupled non-linear 
differential equations (3 and 11) were solved using a fourth 
order Runge-Kutta method. Constant B was again slightly 
altered until the value of the creep damage parameter reached 
unity at the time of rupture of the high stress level test. 
The value of v was then altered until the numerical solution 
of engineering creep strain at the time of specimen failure 
best fit the experimental rupture strain for this test. This 
numerical approximation was plotted against the experimental 
data as shown in Figure 3. The quality of the approximation 
was improved by slight adjustments made to the values of 
constants A and n from the original Norton power law creep 
calculations. Special consideration was given to the secondary 
creep regime, due to its engineering importance. 
A similar procedure was followed in an attempt to fit the 
data from the low stress level creep test. Ideally, the values 
12 
of B, r, A, n, and v should remain unchanged since they are 
stress-independent and this test was performed at the same 
temperature as the first. Using the same value of B, k(aum) 
was reduced until the continuum damage equation produced a 
damage parameter of unity at the experimental time to rupture 
of this test. The resulting value of k(a ) was then less than 
that of k(an) ; which is a more physically sound condition 
than the estimates in Table 2. The value of v used to produce 
identical numerical/experimental strain-to-failures for the 
high stress level test was incorporated into this fitting 
procedure. The result was a predicted strain-to-failure of 
8.5% greater than that experimentally observed, a small 
difference considering the possible scatter associated with 
rupture data. 
The numerical approximation to the creep data is plotted 
in comparison to the experimental data in Figure 4. The only 
additional change from the values in the high stress level fit 
is that the constant A was reduced slightly to provide 
improved numerical/experimental agreement for the secondary 
creep stage. Since secondary creep rates exhibit scatter, it 
may be desirable to view A as an average for the two tests. 
The values of all constants used in these fitting 
procedures are given in Table 3. Note that the best fit, 
determined by graphic comparison between experimental and 
numerical data, resulted in k(am ) = 5.11 , k(aum) = 4.72. 
These results correspond to an interrupted scalar damage value 
DINT of approximately .10 to .11, within a reasonable range, 
although somewhat arbitrary in the absence of metallurgical 
damage quantification. 
Due to potential confusion of the reader in following the 
numerical procedures outlined, a simplified step by step 
guide to the creep characterization process is included in 
Appendix A. The procedures are broken into two segments; one 
for the estimation of constants of the continuum damage 
equation, and the other for the numerical solution to the 
coupled striain/damage equations. 
A plot of the scalar creep damage parameter Dc versus 
normalized time for both constant stress creep tests is 
presented in Figure 5. This data graphically demonstrates the 
more damaging effects of low-high stress level sequences 
compared to high-low stress sequences for the same time 
fraction, t/tR. These effects are in agreement with the work 
of Woodford [23]. 
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APPENDIX A 
Guide to Creep Analysis Numerical Procedures 
PROCEDURE I : Estimation of constants DINT ,   B, k(a HI  ), and k(aLOW  ) 
STEP 1: Choose a value of D . Based on studies of IN 100, 
the value of D INT  shalld be in the proximity of .10. 
STEP 2: Choose a value for B. 
STEP 3: With solutions to the creep continuum 
equation based on the constant stress 
and the 300 MPa test, determine k(a ) 
respectively, using equations (8) Aid 
• 
damage 
413 MPa test 
and k(a ) 
(9) . 	LOW 
STEP 4: Use the values of D , B, k(a ), and k(a ) 
INT determined in steps 1-3 in ag l iterative igSlution to 
the continuum damage equation based on the step 
stress sequence test. Use equations (7a) and (7b). 
STEP 5: If the solution to STEP 4 converges for k(a in ) 
slightly greater than k(a ), go to STEP 6; else, 
return to STEP 2 and alte?the value of B. 
STEP 6: The values of B, k(a ), and k(a ) are determined 
for the value of D mbhosen in ghP 1. These 
results are recordn in Table 2. Use these results 
of D and B a final time in equations (8) and (9) 
to dRiermine a further estimation of k(a ) and 
k(ala ) - also recorded (in parentheses) ie Table 2. 
STEP 7: Return to STEP 1 and repeat the process for another 
value of D 
INT 
PROCEDURE II : Numerical solution to the coupled strain/damage 
equations for two constant stress creep tests. 
STEP 1: Numerically solve the set of two, nonlinear, 
coupled differential equations (3) and (11) for the 
higher stressed creep test. Use the most reasonable 
value for k(a ), and 
from Table 2.mChoose 
STEP 2: Alter the value of B 
damage parameter, D, 
experimental rupture 
test. 
the corresponding value of B 
a value for v. 
until the value of the creep 
is equal to unity at the 
time of the high stress level 
STEP 3: Without changing the parameter B, alter the value 
of y until the numerical solution to nominal strain 
at rupture equals the experimental result. 
STEP 4: Adjust the values of A and/or n from the results of 
equation (1) to improve the closeness of the 
numerical/experimental nominal creep strain data. 
This is done graphically; i.e. refer to Figure 3. 
STEP 5: Using the values of B, A, n, and v determined in 
steps 1-4, numerically solve equations (3) and (11) 
for the lower stressed creep test. Initially, use 
the value of k(a
M
) as a first approximation to 
k(a ). 
STEP 6: Do not change the value of B, but instead alter the 
value of k(a ) until D = 1 at the experimental 
time to rupti%e of the low stress level test. 
STEP 7: Do not alter v, but attempt to improve numerical 
and experimental correlation by changing the value 
of A. 
* Results to these numerical solutions are shown in 
Figures 3 and 4 and in Table 3. 
,,veleinommis linpurrewor 
Table 1 : Creep Test Data for MAR-M 246 
in Air at 900°C 
Specimen Nominal Nominal Time to Steady-state Creep 






G23 413 MPa 0.0635 in/in 27.35 hr 81.11x105  hr 
G21 300 0.0446 174.70 9.53x10 
G19 a. 415 13.80 54.60x105  
G19 b. 299 0.0420 140.00 6.97x10 5  
Notes : a. Test G19 was a step-stress sequence test; loaded to 415 MPa for 
one half of the time to rupture of test G23 and then, 
b. loaded until failure at the stress level of test G21 
Table 2 : Estimated Values of Constants for 
Creep Damage Rate Equation 
DIRT 
B k(ain ) k(aL 	) 
.05 2.43x10-18 8.76 (11.53)* 8.74 (11.86)* 
.07 3.43x1018 5.97 (7.87) 5.89 (8.11) 
.10 4.98x10-18 3.80 (5.11) 3.75 (5.27) 
.12 6.05x10" 2.93 (4.03) 2.91 (4.16) 
.15 7.70x10-18 2.08 (2.95) 2.07 (3.06) 
.17 8.82x10-18 1.70 (2.45) 1.68 (2.54) 
.20 10.55x10-18 1.26 (1.89) 1.24 (1.96) 
D : Creep damage parameter. na 
B : Temperature dependent constant. 
k(a ) : Stress-dependent constant for high stress level 
HI 	creep test. 
k(a ): Stress-dependent constant for low stress level 
creep test. 
NOTE: Values in parentheses are determined from the 
solution of the continuum damage equations for constant 
stress creep (equations 8 and 9) with the B values 
given in the table. Values beside the k(a ) estimates 
are based on the 413 MPa creep test, and hose next to the 
k(aLow) estimates are based on the 300 MPa test. 
Table 3 : Creep Characterization Constants 
Constant 413 MPa 	 300 MPa 
Test Test 
k(a) 	 5.11 	 4.72 
A 	: 	 2.8x10 -21 	 2.4x1021 	a. 
n 	• . 6.66 	 6.66 
r 	: 	 5.76 	 5.76 
B 	• . 5.51x10-18 	5.51x10-18 b. 
✓ 3.9 	 3.9 
NOTES: a). Original calculation of A, based on 
n = 6.66 and equation (1), was 3.0x10 -21 . 
b). Original estimate of B was 4.98x10 -18 . 
OlOWIN,wimm tMMIPMW 









0 	20 	40 	60 	80 	100 	120 	140 	150 	180 
Time (hours) 
Figure 1. Nominal creep data for MAR-M 246 tested in 
air at 900°C. 
a). a = 413 MPa 	b). a = 300 MPa 
c). a = 415 / 299 MPa step 
-(Slope) = r = 5.76 









Stress Level (MWO) 
Figure 2. Determination of the creep damage constant r. 
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Figure 3. Numerical analysis of creep strain rate equation 
versus experimental creep strain data for MAR-M 246 
tested in air at 900°C under a stress of 413 MPa. 
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Figure 4. Numerical analysis of creep strain rate equation 
versus experimental creep strain data for MAR-M 246 























0. 0 	0. 1 	0. 2 	0. 3 	0. 4 	0.5 	0. 6 	0. 7 	0. 8 	0. 9 1. 0 
Time Fraction t 
t 
Figure 5. Creep damage parameter versus normalized time for 
two constant-stress creep tests of MAR-M 246 in 
air at 900°C. 
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Table 3 : Creep Test Data for MAR-M 246 
in Air at 900°C 
Specimen Nominal Nominal Time to Steady-state Nominal Monkmann-Grant 
I.D. Stress Strain to Failure Creep Strain Rate Strin 
(MPa) Failure (hours) (essi (6 t) ss 	R (in/in) 
G23 413 0.0635 27.35 81.1 x105 hr-1 0.0222 
5999-5 c. 413 0.0416 31.80 61.4 x105 0.0195 
G21 300 0.0446 174.70 9.53x105 0.0166 
S999-4 c. 299 0.0492 300.30 7.25x10-5 0.0218 
G19 a. 415 13.80 54.6 x105 
G19 b. 299 0.0420 140.00 6.97x105 
Notes : a. Test G19 was a step-stress sequence test; loaded to 415 MPa for 
one half of the time to rupture of test G23 and then, 
b. loaded until failure at the stress level of test G21 
c. After the initial creep analysis was completed, tests were performed 
to aquire an indication of the scatter in the constant stress creep 
test data. 
Mar M 246 at 900 de9 C 	Stress = 413 MPa 
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Atlanta, Georgia 30332-0405 
June 17, 1988 
MEMORANDUM 
TO: 	Dave McDowell 
FROM: 	Roger Oehmke 
SUBJECT: 	GM Specimens. Series T132, T133. T138. T139 
The specimens we recently received from GM are not properly machined and cannot 
be used for testing. Specifically, the legs on all of the specimens are consistently .040" 
undersize. The drawings for this specimen clearly show that the dimension should be 
.499/.500". This tight spec is needed since the specimen is located laterally using the 
leg surface. Any deviation from the specification prevents accurate alignment and 
contributes to bending. In their present condition, none of the specimens can be 
tested without significant bending errors. 
RO:cc 
k 
An Equal Education and Employment Opportunity Institution A Unit of the University System of Georgia 
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Figure 1. Tensile and low cycle fatigue specimen dimensions. 
INDUCTION COIL 
CROSS SECTIONS 
Figure 2. Schematic of the calibration specimen for tensile 
and LCF testing in air at 900°C. ThermocoUple #1 
was used for control. 
APPENDIX 
Table 1 : Strain-Controlled Fatigue Tests 
Temperature: 900 C 
E rate 
(sec-1) 































143644 reversals followed 
by 0.004 to failure 
10-2 .01 1015 48 
.009 725 70 
.007 795 156 
.0064 776 236 
.005 642 748 
.0038 529 2576 
.003 424 8000 
10-a .01 747 28 
.009 775 56 
.0081 764 50 
.007 679 64 
.005 594 550 
.004 511 748 
.003 423 3008 
Table 2 : Creep Test Data for MAR-M 246 






S999=5 c. 	413 
G21 	300 
-S999-4 c. 	299 	., 
G19 a. 	415 














(éss . tR ) 
0.0635 27.35 81.1 x105 hr-1 0.0222 
0.0416 31.80 , 	61.4 x105 0.0195 
0.0446 174.70 9.53x105 0.0166 
0.0492 300.30 7.25x10-15 0.0218 
13.80 54.6 x10-5 
0.0420 140.00 6.97x10 -5 
Notes : a. Test G19 was a step-stress sequence test; loaded to 415 MPa for 
one half of the time to rupture of test G23 and then, 
b. loaded until failure at the stress level of test G21 
c. After the initial creep analysis was completed, tests were performed 
to aquire an indication of the scatter in the constant stress creep 
test data. 
Table 3 : Tensile Test Data for MAR-M 246 
in Air at 900°C 
Specimen Strain Strain to 	Young's 	0.2% Yield U.T.S. 
I.D. 	RatA 	Failure Modulus Strength 	(MPa) 	(MPa) 
(sec I) (%) 	(GPa) b. 	(MPa) c. d. 	e. 
-1 10 G13 	 5.9 	156.41 	 814 	1051 	1332.97 	0.06991 
Gil 	10-2 	7.2 	161.00 	 851 	950 	1049.93 	0.02666 
G15 	10-3 	a. 	140.40 	 729 	821 	907.21 	0.02589 
G3 	104 	4.3 	146.62 	 611 	706 	885.83 	0.05446 
G1 	10-5 	3.2 	123.14 	 570 	695 	899.72 	0.06186 
NOTES : a. Specimen strained to 5% strain and then unloaded. 
b. Average Young's modulus = 145.51 GPa. 
c. Ultimate Tensile Strength 
d. K = Strength coefficient 
e. n = Strain hardening exponent 
FIGURES: EXPERIMENTAL DATA 
COFFIN-MANSON CONSTANTS 
MAR-M-246, AIR, 900*C 
i cy b ef c 
.01 1606.7 -.144 .074989 -.76 
.001 1244.5 -.11 .085 -.81 
.0001 1142.9 -.133 .036 -.615 
Constants determined from regression analysis on experimentally 
determined data points. Points with mean stresses excluded from analysis. 
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FIGURE 1. Stress amplitude versus reversals to failure of MAR-M-246 at a strain rate of 
.01 sec-' and at 900°C. Open circles are experimentally determined data points. 
All points are used in a linear regression routine to determine the 
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FIGURE 2. Stress amplitude versus reversals to failure of MAR-M-246 at a strain rate of .001 sec -1 and 
at 900°C. Open circles are experimentally determined data points. All points, except the 
2Nf = 14,842 and 2N1 = 1166, are used in a regression routine to determine the 
Reversals to Failure, 21i f 
FIGURE 3. Stress amplitude versus reversals to failure of MAR-M-246 at a strain rate of .0001 sec -1 
 and at 900°C. Open circles are experimentally determined data points. All points, except 
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Reversals, 2N f 
FIGURE 4. Composite graph of stress amplitude versus reversals to failure of MAR-M-246 
at all 3 strain rates, .01, .001, and .0001 sec -1 , at 900°C. Open symbols are 
experimentally determined data points. Data points with mean stresses are not 
included in regression. 
Reversals to Failure, 2N f 
FIGURE 5. Inelastic Strain Amplitude versus Reversals to failure of MAR-M-246 at a 
strain rate of .01 sec -1 and at 900°C. Open circles are experimentally 
determined points. All points included in regression analysis. 
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Reversals to Failure, 2Nf 
FIGURE 6. Inelastic Strain Amplitude versus Reversals to failure of MAR-M-246 at a 
strain rate of .001 sec -1 and at 900°C. Open circles are experimentally 
determined points. The data points at 2N f = 14842 and 2Nf = 1166 contained 
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Reversals to Failure, 2N1 
FIGURE 7. Inelastic Strain Amplitude versus Reversals to failure of MAR-M-246 at a 
strain rate of .0001 sec -1 and at 900°C. Open circles are experimentally 
determined points. The data point at 2N f = 3008 contained a mean stress and 
is not included in the regression analysis. 
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Reversals to Failure, 2Nf 
FIGURE 8. Composite graph of inelastic strain amplitude versus reversals to failure of 
MAR-M-246 at all 3 strain rates, .01, .001, and .0001 sec-1, at 900°C. Open 
symbols are experimentally determined data points. Data points with mean 
stresses are not included in regression. 
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FIGURE 9. Graph of total strain amplitude versus reversals to failure of MAR-M-246 at all 
3 strain rates, .01, .001, and .0001 sec -1, at 900°C. Filled in symbols represent 
experimentally determined data points. The curves are calculated using Coffin-
Manson constants determined from the experimental values. 
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FIGURE 10. Inelastic strain amplitude versus time to failure of MAR-M-246 at 900°C for all 
three strain rates, .01, .001, and .0001 sec-1. 
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FIGURE 11. Total strain rate versus time to failure of MAR-M-246 at 900°C for the 2 
inelastic strain amplitudes, .006 and .0009. 
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SUMMARY 
Attempts at experimentally approximating the thermo-
mechanical fatigue (TMF) of nickel-base superalloys (used in 
turbine engine hot section components) have been extended, 
for the most part, from earlier work with the more ductile 
alloys. Aspects of two promising approaches for modeling TMF 
of superalloys, the Damage Rate Method and the Continuum 
Damage Approach, were combined to form a hybrid micro-crack 
growth model which considers creep, fatigue, and 
environmental damage as well as interactions. The overall 
goal of the experimental program was aimed at predicting 
crack initiation life; however, only the initial 
investigation and development of the model for an isothermal 
environment was undertaken in this study. 
Parameters for the model were determined via tensile, 
low cycle fatigue, and creep tests performed on MAR-M 246 (a 
cast Ni-base superalloy) in air at 900°C. A form of the 
Continuum Damage Approach was used to model the creep 
behavior of the material. Methods for determining the creep 
parameters were established although the statistical 
significance of these quantities has not been fully 
established may be suspect due to the limited amount of data 
obtained. Fatigue-environment behavior was characterized 
with a damage rate equation. Modifications were made to the 
initally proposed model based on short crack considerations 
and arguments for micro-crack/macro-crack continuity and 
parabolic oxidation kinetics. The fatigue parameters were 
estimated from the available data set and methods for 
improving those calculations through future testing programs 
were outlined. A brief study of specimen fracture surfaces, 
concentrating on the influence of oxygen penetration, was 
performed to confirm the above mentioned arguments. 
Indications for future improvements of the micro-crack 
growth model presented in this report stress the importance 
of conducting tests in vacuum for the quantification of 
environmental effects on damage. In addition, the 
correlative Capability of the damage equations must be 





Nickel-base alloys are amoung the most complex and the 
most widely used for elevated temperature applications of 
all the superalloys. For example, nickel-base superalloys 
make up for over 50% of the weight of today's advanced 
aircraft engines [I]. As the quest to maximize the overall 
service life and to increase the thrust-to-weight ratio of 
gas turbine engines progresses, the need to accurately 
predict the working life of engine components is becoming 
increasingly more important. 
The science of experimentally approximating the thermo-
mechanical fatigue (TMF) of turbine engine hot section 
components is relatively young; the attempts which have been 
made are, for the most part, extensions of earlier work with 
the more ductile alloys. Classical approaches were adopted, 
such as the frequency modified relationships [2] and Strain 
Range Partitioning [3], which use parametric expressions to 
relate the number of cycles to crack initiation to different 
parameters describing cyclic loading. More recently, 
continuous damage growth equations have been applied to 
predict crack initiation and creep-fatigue interaction in 
terms of physical measures of damage, e.g. crack length and 
1 
. cavity growth. Examples of these methods, which are described 
in the next chapter of this thesis, are the Continuum Damage 
and Damage Rate approaches [4]. 
In an attempt to further understand and characterize 
the TMF behavior of Ni-base superalloys, a comprehensive 
program to study the fatigue, creep, and environmental 
properties, as well as interactions, of a representative 
nickel-base superalloy (cast MAR-M 246) was undertaken. The 
initial phase of this investigation is reported in this 
thesis. The overall program was aimed at developing a hybrid 
form of the Damage Rate Method and the Continuum Damage 
Approach with constants and parameters determined from 
isothermal, uniaxial low cycle fatigue and creep test data. 
The program concentrates on initiation rather than 
propagation due to the findings of numerous experimental 
studies which have shown that linear elastic fracture 
mechanics concepts can be successfully applied to the growth 
of dominant macro-cracks. 
Although the overall goal of the project was to develop 
a TMF model for Ni-base superalloys, the present study is 
concerned with the isothermal characterization of MAR-M 246 
tested in laboratory air at atmospheric pressure at a single 
temperature of 900°C. Through the analysis of creep, 
tensile, and low cycle fatigue (LCF) data, the groundwork for 
crack growth prediction on the substructural scale was 
2 
3 
performed. The results of this study will only begin to 
formulate the background for the TMF model, indicating 
future directions. 
This thesis is organized into four major divisions. 
First, a detailed yet brief description of presently used 
models for creep-fatigue damage prediction is presented for 
background purposes. The basis for the Ni-base TMF model is 
formed from this information. Secondly, a description of the 
types of tests performed and the procedures and equipment 
used in the acquisition of the physical data is outlined. 
Thirdly, the test results are used to formulate an initial 
creep-fatigue-environment model for the prediction of crack 
initiation life. The creep analysis is detailed first, 
followed by the fatigue-environment characterization. These 
analyses are separate from one another and may be studied 
exclusively. Lastly, indications for future testing and 
analysis are proposed. 
CHAPTER II 
BACKGROUND 
Review of Applicable Approaches for Isothermal Loading 
Although a general procedure for initiation life under 
thermomechanical loading conditions has not yet been 
established, several current isothermal approaches for 
combined creep-fatigue-environmental damage will be briefly 
reviewed. The applicability of these approaches to life 
prediction of Nickel-base superalloys will then be studied. 
Linear Time and Cycle Fraction Summation  
This simplistic approach, first proposed by Robinson 
[5] in 1938, assumes that the time and cycle fractions are 
summed to unity, i.e. 
4 
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1 	 (2.1) 
  
where N = crack initiation life for pure cycling at the kth 
amplitude level 
th. tR  = rupture time at the ) stress and temperature 
Unfortunately, experiments have shown that life fractions at 
failure have been found to range from 0.36 to 2.08 for 
superalloys and steels [6]. This would tend to invalidate 
the linear summation rule. This is not only true for creep- 
-,011,MMWMPWAMW' 
fatigue interaction, but for multi-step histories of creep 
or fatigue loading measured separately. It is, however, 
possible to obtain conservative results by limiting the 
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< D
* (2.2) 
as is done in the ASME Boiler and Pressure Vessel Code [7]. 
This modification does not greatly increase lifetime 
estimation accuracy. Furthermore, if D* is chosen to be 
"small", it may occasionally be non-conservative, which in 
turn, introduces possible large over-conservatism for less 
damaging loading histories. 
There is no good mechanistic interpretation of this 
damage summation technique - in fact it is in conflict with 
knowledge of physical damage accumulation processes. For 
example, it is well known that prior cycling affects 
subsequent creep rupture behavior of materials through 
cyclic hardening or softening mechanisms. Yet the rupture 
times used in the linear summation rule are based on 
monotonic creep rupture tests. Obviously the linear model is 
not valid in this circumstance. 
5 
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Microcrack Propagation Models  
Some workers [8-10] have devised microcrack 
propagation models for fatigue and fatigue dominated creep-
fatigue interaction. Skelton [8] has proposed the plastic 
strain range-based growth law, 
da =d H P (4a1-n) 1/7-113 ] 1/a 	(2.3) dN 
where d = initiation depth of an engineering size crack 
(on the order of 0.2 mm) 
a = crack length 
Ad' = plastic strain range 
G,n = constants defining the crack tip radius 
K,a = Coffin-Manson constants 
fi = cyclic strain hardening exponent 
7 . = plastic-to-total strain proportionality factor 
This equation is valid for high plastic strain ranges and/or 
continuous cycling, i.e. conditions which promote fatigue 
dominated failure. It is essentially a modification of the 
Coffin-Manson Law which accounts for different definitions 
of initiation crack size based on the crack tip ductility. 
Wareing [9] has proposed the following equation for 
fatigue crack growth through cavitated material: 
12 = Adpw dN (2.4) 
where W is the specimen width. 
The creep damage rules depend on whether void growth 
occurs by constrained or unconstrained grain boundary 
diffusion. In the case of unconstrained grain boundary 
diffusion, the cavity growth rate per cycle is given by 
[10), 
dr =  (th  + t c  )AD gb6(a - 27/r) dN 
2kTr2 
(2.5) 





= hold time and cycle time, respectively 
A = atomic volume 
D = grain boudary diffusion coefficient 
gb 
a = relaxed stress at the end of a hold period 
7 = grain boundary diameter 
6 = grain boundary surface energy 
k = Boltzmann's constant 
T = absolute temperature 
For a constrained condition (uneven cavity distribution or 
the presence of grain boundary precipitates) the cavity 
growth rate is simplified as, 
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s = grain size 
= strain rate 
Assuming failure to be defined as the impingment of 
adjacent cavities, the solution to (2.5) may be written as, 
N = 2kT 	1 	r
3 
f 	SAID (t + t) 3 
gh h 	c 
(2.7) 
and the solution for constrained grain boundary diffusion 




= 3 	A 2SE (t 	t ) (2.8) 
As pointed out by Miller, Hamm, and Phillips [11], 
unconstrained and constrained diffusive cavity growth occurs 
at low stresses. At higher stresses, the deformation of the 
matrix governs cavity growth and the growth rate is again 
proportional to the strain rate, i.e. 
dr = Cg dt (2.9) 
Miller et al. [10] have also carried out the numerical 
integration for N f including stress relaxation, 
8 






(a - a ) 
1 
(2.11) 
for constrained grain boundary diffusion. Note that t 1 and 
a are the time and stress, respectively, at one minute into 
the hold period, and th and ah are the hold time and stress, 
respectively, at the end of the hold period. It should be 
noted that the operative mechanism for cavity growth during 
the hold time is primarily unconstrained or constrained 
cavity growth for stainless steels and Cr-Mo-V steels 
reported by Ellison, Hamm, etc. 
The usual approach taken by those who utilize these 
microcrack growth models is to distinguish creep dominated 
situations from fatigue dominated ones and to apply the 
proper damage growth law. The interaction between creep and 
fatigue damage is not explicitly taken into account. The 
values of the Coffin-Manson constants in equation (2.3), K 
and a, are chosen to reflect the detrimental effect of hold 
times under tensile stress. 
Strain Range Partitioning 
The Strain Range Partioning (SRP) method relates cyclic 
inelastic strain to fatigue life without explicit 
consideration of environmental contributions. 
9 













According to Manson et al. [12-14], time-dependent 
hysteresis loops can be identified as having four distinct 
components of inelastic strain. It is argued that these four 
components of the overall cyclic inelastic strain range have 
different mechanistic bases for creep-fatigue interaction 
and damage accumulation. 
Compressive-going inelastic strains are differentiated 
from tensile-going inelastic strains. Furthermore, "time-
dependent" plastic strains are differentiated from creep 
strains. Hence, loops are composed of the following four 
types of inelastic strain ranges: 
Ac cP = creep reversed by compressive plasticity 
Ajc = tensile plasticity reversed by compressive creep 
P Ae P  = completely reversed plasticity 
Ae" = completely reversed creep 
Then, finding the relationships, 
1 0 
from experimental data, the damage summation is performed 
according to 
11 
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where the inelastic strain fractions are given by 
F 	= Ae PP/Ae N 
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Here, Ac t' is the combined inelastic strain range. 
A maximum of three types of inelastic strain ranges can 
exist for a given loop. In general, good correlation can be 
obtained for isothermal fatigue with and without hold times. 
Some good correlations have been obtained for austenitic 
stainless steel for thermomechanical loading by applying 
this method using isothermally determined constants [3]. 
Variations on the SRP method have been offered by Saltsman 
and Halford [15] to account for differences in transgranular 
or intergranular propagation of creep-fatigue cracks in the 
N or N equations. 
Pc 	 cp 
One obvious advantage of this approach is that tensile 
and compressive loading are treated differently. This 
flexibility is desirable to encompass all experimental 
results. 
12 
Frequency Modified Approaches  
The basis of this type of approach is that the Coffin-
Manson relationship is modified by the frequency of the 
strain cycle since time-dependent effects, whether creep or 
environmentally related, exert influence in the low frequency 
domain [16-17]. 
According to Coffin's [2] early approach, the frequency 
v modifies the Coffin-Manson law, i.e. 
(NiuK-1 ) 13 CE P = M 	 (2.20) 
where p, K, and M are material constants at a given 
temperature, and NI is the number of cycles to initiate a 
crack. In this approach, a hold period is considered as a 
change in test frequency. The effects of unbalanced tensile 
and compressive going frequencies (and loop shapes) were 
later incorporated by Coffin in the expression, 
	




where v and v are tensile-going and compressive-going 
frequencies, respectively. The values of the constants A, /3, 
and K are determined from balanced loop data, and d is 
obtained from unbalanced data. 
Ostergren's damage function [18] uses the net tensile 
hysteretic energy in the fatigue equation to reflect mean 
stress effects. In some superalloys, it is thought that 
tensile mean stresses introduced by compressive strain hold 
times are responsible for compressive hold times being more 
damaging than tensile hold times [17]. Ostergren's damage 
function is expressed as, 
a A E I'  N /5 13 (x-1) = c 
t1 
(2.22) 
where IS, PC, and C are material constants, v is the test 
frequency (CPM), and at is the peak tensile stress in the 
hysteresis loop. This approach has resulted in agreement to 
within a factor of two for isothermal fatigue of Hastelloy-X 
(with and without tensile and compressive hold times). This 
frequency modified approach did not, however, produce good 
correlations after long aging periods. This may be 
attributed to the fact that environmental effects (i.e. 
oxidation processes) are not rigorously accounted for. 
To bring into consideration waveshape dependence, v is 
defined differently. For waveshape independent materials, 
1  
Y - (t + t + t ) 
O 	 t 	 C 
(2.23) 
where t 0  , t t  , and tc  represent time per cycle of continuous 
cycling, tensile hold time, and compressive hold time, 
respectively. To account for waveshape dependence, 
1  
11 - (t +t -t ) 
0 	 t 	C 
for t > t t 	C (2.24) 
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or, in a simplified form Y = lit for t < t. 
These corrections on frequency imply that the time-
dependent damage is recovered during compressive loading. 
This seems reasonable for creep cavity growth or triple 
point cracking induced by grain boundary sliding, but 
environmental attack (oxidation along grain boundaries) 
would appear to differ mechanistically. 
Continuum Damage Approach  
Sometimes called a damage parameter approach, this 
method was first proposed by Kachanov [19]. Early 
formulations of this idea were intended to model the 
accumulation of creep damage either uncoupled [20] or 
coupled with creep strain. 
The continuum damage approach is a local approach in 
the same sense as the local strain approach to fatigue 
design . and analysis. In .practice, it is applied within the 
framework of finite element analysis. 
Development of the method for creep, fatigue, and 
creep-fatigue interaction has been undertaken primarily by 
SNECMA and ONERA in France. Chaboche, Lemaitre [21,22], 
Plumtree [23] and others [3] in France have applied the 
technique to isothermal and non-isothermal creep-fatigue 
interaction. They claim to have achieved accuracy in life 
prediction of actual components to within a factor of two -
based on this type of approach. For simplicity, the uniaxial 
14 
Ae p 
D = 1 - [Ae ss P M (2.28) 
case will be discussed here. 
The effective stress is defined as, 
a 
77 = 1 - D 
	 (2.25) 
where D is defined as the scalar damage parameter. For 
undamaged material, D = 0; at failure, D = D 	. Early 
critical 
writings interpreted D as the normalized loss of area of the 
cross section by virtue of void or crack formation [21]. 
Usually, D 	= 1. 
critical 
This approach has the advantage that damage at any 
point in life can be interpreted as a change in stiffness. 
For example, for load-controlled pure fatigue cycling, the 
steady state stress-strain relation is given by, 
Act Vin 
Lie 13 	 ) ss 
As damage accumulates, 




which, when combining the above equations, results in, 
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Hence, the damage parameter may be identified directly with 
the increase in plastic strain range due to the accumulation 
.c 
D = 1 - 
 as s) 
(2.31) 
of damage in fatigue (e.g. the growth of micro-cracks). 
Likewise, D may be associated with a change in elastic 
unloading stiffness in general. A similar reasoning may be 
followed for creep damage. Assuming a Norton creep law with 
strain hardening; i.e., 
a = A(i c ) 	 (2.29) as  
where e e = steady state (secondary) creep strain rate 
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A,n = constants 
The change in stiffness is prompted by an increase in the 
creep rate primarily during tertiary creep, therefore, 
a 
- A(c ) 1/n 1-D (2.30) 
which leads to, as with the cyclic behavior, a directly 
measurable damage parameter, 
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Note that for both creep and fatigue, the damage essentially 
accumulates after steady state conditions have been reached. 
Two important points must be made. The first is that 
deformation processes and microstructural events occurring 
early in life are not considered explicitly as damage. This 
is similar to the assumptions of crack growth governed by 
fracture mechanics. The second point is that the damage is 
no longer identified with cycle or time fractions, as is the 
case in essentially all other phenomenological approaches. 
Chaboche [21] suggests that when several processes are 
operative, coupled equations can be written to introduce the 
effects of interactions, i.e. 
dD = f (0,a,D ,D ,D ,T)da 
P 	P 	p t F 
dD = f (0,a,D ,D ,D ,T)dt t 	t 	t p F 




Where 0 denotes the forcing variables, a represents internal 
variables, and T is the absolute temperature. In this 
format, D represents "static" plastic damage (e.g. ductile 
hole growth during plastic flow), Dt represents time-
dependent damage, and DF represents cycle-dependent fatigue 
damage. A step which is often made for purposes of 
simplification is to assume that the damage variables are 
additive, implying equivalence of the damage processes. For 
creep-fatigue interaction, for example, setting Dc = Dt 
 produces, 
D = Dc 
+ DF 	 (2.35) 
and 
dDC  = f C (0,a,D,T)dt 
	
(2.36) 




where D reflects the creep damage accumulation. It should 
be noted that D can also include environmental corrosive 
effects, a phenomenon of special interest in the following 
study. Separate study of environmental effects has not 
previously been pursued in the context of continuum damage, 
probably due to the inability to separate time-dependent 
cavity growth from environmental attack without vacuum or 
inert environment testing. 
After studying the damage accumulation curves for 
carbon steels, stainless steels, copper, and Ni-base alloy 
IN 100, Chaboche and workers [24] have suggested the 
following forms of the Continuum Damage Approach for 
uniaxial loading: 
dD 	 a(am ,am) 	am - am  
dN = [1 - [1 	D] /3+1 ] 
	
M(am)(1-D) 
dD 	a,  




where a and a
m 
are the maximum and mean stresses in the 
cycle, repectively, and A, r, and fl are temperature 
dependent constants. The rupture strength in a monotonic 
test, au , is temperature-dependent as well. Specific forms 
for a and M are given by, 
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a (am) = a2  + (1 - b 	) am 
 
a 




where Mo and a are temperature-dependent coefficients, al is 
the fatigue limit under completely reversed loading, and b 
is a temperature-independent coefficient. The exponent k(a) 
is determined from creep tests at several stress levels. The 
purpose of the stress dependence of the exponents k and a is 
to introduce nonlinear damage accumulation for variable 
loading histories. As pointed out by Chaboche, the results 
of the continuous fatigue damage analysis for two level 
cycling tests are similar to that predicted by the Double 
Linear Damage Rule of Manson and associates [25]. Of course, 
the continuous damage approach automatically generalizes to 
any number of loading levels. 
Integrating equation (2.38) results in life under pure 
fatigue loading described by, 
1 	am 	am 	-fl Nf 	(fl+1)[1 - a(aliv am)] [ M(am ) (2.43) 
with the evolution of damage given by, 
DF  = D = [1 - (N/Nf) 1/(1-a) ]
1/0+1) 	 (2.44) 
Hence, a can be determined with p known by examining the 
change in stiffness versus cycle fraction for several stress 
amplitude levels, with and without mean stress. The values 
of M and fl can be determined from completely reversed 
fatigue tests. 
Integrating the creep equation for pure creep loading 
yields a rupture time of, 
1 	r a 	
-r 
t R (a) = k(a )+1 Aa 
with the damage evolution given by, 
t 	1 1/ (k(a) +1) 
D = D = 1 - [1 tR (a) 
(2.45) 
(2.46) 
As before, damage is not a unique function of time 
fraction, but depends on stress level. From a plot of 
stiffness change (see equation 2.31) versus time fraction 
for several stress levels, k(a) can be determined. The 
constants A and r can be evaluated from isochronous curves 
of stress versus rupture time for each temperature at which 
tests are conducted. 
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Chaboche et al. [3,21-24] have obtained good 
correlation for IN 100 at 1000°C for two level creep tests, 
two level fatigue tests, fatigue tests at various 
frequencies with tensile and compressive hold times, creep 
after prior fatigue cycling, and fatigue after prior creep. 
Lemaitre and associates have also written the continuum 
damage equations in terms of strain [23], the more usual 
condition at notches. This may be accomplished using stress-
strain relationships. For constant strain rate tests with 
triangular waveforms, assuming that the Norton creep law 
holds such that f = E c (total strain rate equals creep 
strain rate), the number of cycles, N, under creep-
dominated cycling is related to the cycle frequency and the 
strain range in a manner very similar to Coffin's frequency 
modified approach for balanced loops discussed earlier. For 




D = 1 - Aa * 
where Aa
* 
 is the cyclically stabilized stress range under 
strain control. 
The damage evolution equations then become, 
dDc 	(1 - D) ci 
dN = (q + 1)Nc (Ae) (2.48) 
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for constant strain rate cycling, and, 
dD 	(1 - 
dN = (p + 1)NF (AE) 
	 (2.49) 
for fatigue cycling at high frequency. These strain-based 
equations are not directly amenable to strain hold periods 
of stress relaxation. Here N and N are functions of the 
C 	F 
strain range. 
The concept of continuous damage does not require 
auxiliary rules for stress relaxation or creep during hold 
times. The constitutive equations for deformation and damage 
are integrated simultaneously. 
Damage Rate Approach 
This-approach is mechanistic in the sense that creep 
damage is viewed as cavity or wedge crack growth and fatigue 
damage as intergranular or transgranular cracks. The damage 
is not expressed in terms of creep-fatigue failure 
prediction methodologies. 
According to this strain-based approach [26,27), the 
growth of fatigue cracks is coupled with cavity growth 
through the equation, 
 
a dt 	( c T ) (1 + a In c/co) leim Vik 
	
(2.50) 
where c =•cavity size, including "r" and "w" type 
a = current crack length 
le N 1= absolute value of current rate and time 
-dependent and time-independent inelastic 
strain accumulated from the last reversal of 
inelastic strain 
absolute value of inelastic strain rate 
T,C = coefficients for tensile and compressive 
stress, respectively 
T,C,m,k,a = temperature, environment, and 
microstructural dependent material parameters 
Hence, the rate of growth of a fatigue crack is 
influenced by the inelastic strain rate, inelastic strain 
amplitude, current crack length, whether the loading is 
predominately tensile or compressive, and the extent of 
cavity growth. Therefore, there is a coupling of the fatigue 
damage with creep damage. If the cavity size c < co , it is 
assumed that the crack does not interact with cavities. 
Cavity growth is governed by the equation, 
k 
dc _ 	G 	.N m l ex I 
c dt le l (2.51) 
where G,-G = coefficients to be used in the presence of 
tensile and compressive stress, respectively 
m, kc = temperature, environment, and micro- 
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structural dependent material parameters 
This formulation permits both growth and shrinkage of 
creep cavities. Failure is defined as the time required to 
reach a fatigue crack of length of or a cavity size of cr , 
whichever occurs first. Note that fatigue damage does not 
influence the creep damage rate. 
Parameters m, k, and (C + T)/2 In (a r/a) can be 
determined from fast-slow fatigue data, kc can be found from 
monotonic creep rupture tests, and the product aG can be 
determined from slow-fast cycling. 
The damage rate approach has been successfully applied 
to creep-fatigue lifetime prediction of the austenitic 
stainless steels [27] and Cr - Mo - V steels [26]. 
Brief Critique of Predictive Approches for Isothermal and 
Non-Isothermal Creep/Fatigue/Environment Interaction for 
Nickel-base Alloys  
When evaluating the previously discussed creep-fatigue 
approaches for nickel-base superalloys, there are several 
factors which immediately become apparent. First of all, 
comparisons of the methods based on predicting the creep-
fatigue life of more ductile metals (e.g. 1% Cr - Mo - V) 
do not necessarily extend to the less ductile superalloys. 
The inelastic strain range is small for the superalloys as 
compared to the stainless or pressure vessel steels. 
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Secondly, the effect of tensile and compressive hold 
times in superalloys are generally opposite that observed 
for more ductile metals [17,28]. Compressive hold periods 
under strain control are more damaging than tensile hold 
periods. Coffin attributes this to the observed development 
of compressive mean stresses for tensile hold periods due 
to stress relaxation, and vice-versa for compressive hold 
periods. In contrast, the effect of tensile hold periods on 
load-controlled fatigue crack propagation tests is quite 
detrimental. Coffin reasons that this is due to a delay in 
the initiation life for smooth specimens. 
A third factor, explicitly addressed in this study, is 
the fact that creep-fatigue interaction for superalloys is 
very different from the interaction of cavities and fatigue 
cracks noted for ductile metals. The role of environment is 
much more pronounced for the superalloys. Antolovich [28] 
found that prior exposure to environment at low stress 
levels drastically reduced life; machining away the surface 
removed this effect. Furthermore, Antolovich was able to 
correlate the oxygen penetration depth at crack initiation, 
/ , with the maximum stress at initiation, a max 
a
max ) p = C 
	
(2.52) 
where p and Co are material constants. The exponent p was 
approximately 0.23 for Rene 80, Rene 77, and Nimonic 90 at 
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elevated temperatures. 
With these general differences between heavily studied 
ductile metals and superalloys established, the various 
damage accumulation techniques can be critiqued. 
Linear Time and Cycle Fraction Summation  
Since this approach is not mechanistically sound and 
since damage accumulation is understood to be highly 
nonlinear, this approach warrants no further discussion. 
Microcrack Propagation Models  
The microcrack propagation approaches developed by the 
British imply that a microcrack is present essentially from 
the begining of the loading history, which does not conform 
to experimental observation in many cases. These models 
apply well to crack growth for cavitated ductile materials; 
however, the applicability to superalloys has not yet been 
demonstrated in the isothermal or nonisothermal case. The 
form of the equations for nonisothermal loading is 
questionable. 
Frequency Modified Approaches  
The frequency modified approaches as suggested by 
Coffin [2] and Ostergren [18] include frequency effects in a 
relatively crude manner. Effects of hold times, for 
example, are incorporated by defining a lower effective 
cycle frequency. Since these approaches do not provide a 
mechanistically accurate way to include hold time effects, 
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extensions to more complex histories and nonisothermal 
conditions would be extremely tenuous and difficult. 
A more mechanistically based frequency modified 
approach has been suggested by Antolovich [29]. Assuming a 
metallurgically stable structure and out-of-phase TMF 
cycling, crack initiation is defined as the point where the 
diffusion length along a grain boundary equals the slip 
band spacing. Damage accumulates via slip at low 
temperature and by oxidation and carbide formation at high 
temperature. The resulting initiation life is given by, 
A2 v 	Q )( 0 -26 
I 
N. = — exp — RTeff 'AE 1 	D 0 
(2.53) 
where D is a diffusion coefficient, v is temperature cycle 0 
frequency, Q is the activation energy, R is the universal 
gas constant, and A and 6 are constants. Teff is the 
effective temperature formed from, 
T ) dT ) = _1_ ih exp( 
(2.54) 
exp( 	RTeff 	AT T,e 
where 	AT = Th  - T/ 
Antolovich similarly introduced an accelerated void 
growth TMF model, assuming a tension-tension out-of-phase 
cycle. Defining failure as the point when the effective 
grain boundary stress exceeds the cohesive strength, 
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where Aa = k'(AfP ) 14  , NA  = voids/unit area 





a 	 2 
1 - A NirR 
gb A v 
(2.56) 
where A = 3/L = total grain boundary area 
gb 
R = void radius at failure 
V 
While no data has been analyzed to support or refute 
this model, its usefulness appears to lie in its ability to 
reflect effects of varying grain size, frequency, effective 
temperature, etc. on Nf . Such a model, of course, presents 
difficulties in terms of the extensive level of 
metallographic examination required to determine NA , R, and 
whether the assumed rupture criterion is correct. 
Furthermore, the concept of effective temperature is 
fundamentally uncertain. Other workers [30,31] have shown 
that the creep rupture criterion is more aptly described by 
the product of applied stress and volume fraction of voids. 
In their final forms, these equations appear to be frequency 
and temperature modified approaches. There are no explicit 
provisions for temperature hold times or for more general 
loading conditions. 
Strain Range Partitioning 
In principle, this method is very desirable insofar as 
it is relatively easy to apply. Several very significant 
deficiencies exist regarding thermomechanical fatigue life 
prediction of superalloys. 
One deficiency is that this method requires the 
determination of the foward and reverse plastic and creep 
strains within a cycle. This implies that a classical 
decomposition of inelastic strain into time- and rate-
dependent plastic and creep strains be made. Such a 
decomposition has been shown to be undesirable. 
A second point to be made is that the cyclic plastic 
strains for superalloys in typical engine applications are 
quite small. Inaccuracy in their determination can lead to 
substantial error in the relatively sensitive plastic 
strain-life equation in the SRP method. 
Finally, for nonisothermal loading, Halford and 
co-workers [15] have proposed a modification to the 
coefficients and exponents in equations (2.11) through 
(2.14) to account for thermal history effects on the 
plastic strain-life relationships. In other words, the 
isothermally determined relationships are inadequate, since 
superalloys can exhibit significant thermomechanical 
history effect [32]. However, this method, as in frequency 
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modified approaches, is not of incremental form. A rational 
extension to nonisothermal loading is not readily possible. 
Continuum Damage Approach 
There are significant advantages obtained by applying 
this method to the superalloys. The technique requires 
stresses and not plastic strains, which are difficult to 
accurately predict; and life correlations to within a 
factor of two for nonisothermal loading have already been 
accomplished. 
In general, stresses are less sensitive than plastic 
strains to thermomechanical history effects. This fact, 
coupled with small cyclic plastic strains for superalloys, 
may lead to stress as the the most viable basis for TMF 
life prediction for this class of materials. 
There are, however, disadvantages in the particular 
form of the continuum damage approach used by Chaboche and 
associates. One such disadvantage is that the creep damage 
evolution is based on monotonic creep tests without prior 
cycling, although the creep response is highly dependent on 
cyclic plasticity. Also, a significant crack contribution 
may be included in the fatigue damage law derived from 
solid specimen uniaxial tests. Thirdly, stiffness changes do 
not reflect grain boundary creep damage very well [33]. The 
most important disadvantages in this approach are that'the 
environmental damage is completely neglected and there is 
30 
31 
no distinction between tensile and compressive hold times, 
contrary to experimental results. 
From the work of Krempl and Ostergren [34], it can be 
shown that frequency modified approaches can be derived as 
a particular form of continuum damage mechanics. This is 
also true of the Coffin-Manson low cycle fatigue law. These 
results indicate that a continuum damage growth law can be 
a useful tool in cumulative damage summation since the 
damage is progressive; time or cycle fractions are not 
required. 
Damage Rate Approach  
This approach appears to very accurately reflect the 
interaction of a growing fatigue crack with voids due to 
compressive loading, and coupling of the crack growth rate 
with void fraction, but not vice-versa. The failure 
criteria for fatigue and creep are not related in this 
method, which is mechanistically appealing. This approach, 
however, appears to be difficult to generalize and requires 
a considerable amount of testing for characterization. 
Furthermore, the capability to model time-dependent 
environmental interaction with crack growth does not exist 
in the present form. There is no provision or methodology 
suggested for extending this method to nonisothermal 
loading. 
For materials which do exhibit a creep-fatigue 
interaction, with little influence of environment, this 
method works quite well for isothermal loading. It should 
be stressed that the incremental form of these equations 




MATERIALS AND PROCEDURE 
Material  
The material chosen for this investigation was MAR-M 
246. The composition of this nickel-base superalloy is 
given in Table 1. The high temperature strength of this 
alloy is due, in part, to a precipitation of finely 
dispersed gamma prime Ni 3 (Ti,Al); in addition, its 
superiority over wrought alloys can be attributed to 
improved solid solution strengthening obtained with the 
presence of a significant amount of tungsten [35]. 
The material was supplied by Allison Gas Turbine 
Engine Division of General Motors Corporation in the form of 
conventionally cast 0.75" cylindrical ingots. Smooth bar 
tensile and low cycle fatigue specimens, with button-head 
ends, were machined from these castings by the supplier. 
Specimen dimensions are given in Figure 1. 
Cooling rates for the material were not available, but 
the effects of the cooling of the castings are discussed in 




Test Matrices  
As mentioned in the introduction, the present study is 
the beginning of an overall program to investigate life 
prediction (defined by crack initiation) as applied to both 
isothermal and non-isothermal loading histories of nickel-
based superalloys . Although variables chosen for the study 
include environment and temperature, this portion of the 
program will be concerned with tests run in air at atmospher-
ic pressure and a single temperature of 900°C. 
Both tensile and LCF tests were conducted with strain 
rates, in decade increments, between 10 -1 and 10-4 sec-1 . In 
addition, a tensile test was conducted at 10 -5 sec-1 . Strain 
amplitudes for low cycle fatigue tests were chosen (in 0.2% 
increments) between 0.2% strain and 1.0% strain. Three creep 
tests were completed for this study: a high stress-level and 
a low stress-level test, as well as a high-low stress 
sequence test. Test matrices for each of the above mentioned 
testing procedures are shown in Table 2. 
Specimen Preparation 
All specimens were polished in the gage section using a 
sequence of 320, 400, 600 grit wet/dry sandpaper and 
finished with 6 micron diamond paste. This procedure 
produced a smooth, mirror-like surface. The polished 
specimens were then cleansed with acetone and stored until 
testing in sealed test tubes. 
Mechanical Testing : Creep Tests  
The creep tests included in this study were performed 
using a SATEC C-Type creep frame. This apparatus consisted 
of a 20:1 lever arm with a twelve-thousand pound tension 
capacity, an automatic control load elevator, and a furnace 
shutoff interlock. 
In order to perform the elevated temperature tests, the 
existing SATEC C-Type resistance furnace had to be 
redesigned and rebuilt. The original three inch bore of the 
furnace was increased to five inches to accommodate the 
extensometer (described below) by replacing the resistance 
heating elements. In addition to increased size, the new 
elements had a greater power capacity that, when coupled 
with additional KAOWOOL ceramic insulation, increased the 
maximum operating temperature from 1250°F (726°C) to 2000°F 
(1143°C) 
Furnace temperature was controlled with an OMEGA Model 
115 controller. This consisted of four 40 amp. solid state 
relays fed with an input signal through a chromel-alumel 
thermocouple. A temperature gradient of only 1°C over the 
gage section of a test specimen was achieved with this set-
up. 
Creep strain was measured via an ATS capacitance gauge 
attached to a four arm high temperature extensometer. An 
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output signal was sent to an amplifier and recorded with a 
strip chart recorder. A complete description of the 
extensometer is included in Appendix A. 
Mechanical Testing : Tensile and Low Cycle Fatigue  
All tensile and LCF tests were performed using an MTS 
10000 Kg capacity closed-loop servo hydraulic testing system 
in total axial strain control mode. Feedback was monitored 
by an LVDT. A ramp waveform was used. The desired strain 
rates were derived by choosing a frequency based on the 
total strain amplitude as follows: 
v (Hz) = 1 cycle x E 	 (3.1) 
4(Ae t/2) 
where Ac t/2 = total strain amplitude 
= strain rate 
Low cycle fatigue tests were performed over the same strain 
rates as the tensile tests using a fully reversed triangular 
wave (i.e. a dual-ramp waveform). Specimens were held in 
place by mechanically locking, water cooled, wedge grips -
also with a load capacity of 10000 Kg. 
The extensometer used for the tensile and LCF program 
was based on a modification of an MTS Model 632.11 clip 
gauge. A complete description of this equipment is found in 
Appendix A. 
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Specimens were heated using a 1.5 kilowatt CYCLE-DYNE 
induction unit controlled by a EUROTHERM Model C96.1 
controller. The induction heater was connected to 0.125" 
diameter copper tubing. This tubing was wrapped around the 
specimen approximately one-half inch from the gage section 
surface. The copper coil consisted of two turns at both the 
top and bottom shoulder areas of the sample and two 
concentric turns at the center of the gage section. Water 
was circulated through the coil during operation for cooling 
purposes. 
To produce the proper temperature gradient, a specimen 
was affixed with five beaded chromel-alumel thermocouples 
and placed in the MTS load frame grips. This is shown 
schematically in Figure 2. Adjustments were made to the coil 
shape and orientation until a temperature gradient in the 
specimen gage section was no greater than ±2.5°C. During 
testing, thermocouples were attached to the top and bottom 
shoulders - one was used for control as dictated by the 
calibration; the other, as a backup in the event the first 
should fail. 
Data was aquired with a NICOLET Model 2090:2B digital 
recording oscilloscope. Strain gage and load cell output 
voltages were recorded on floppy disks for conversion and 
reduction to stress versus strain ASCII data files via an 
IBM AT computer. A complete description of the data 
37 
38 
. aquisition and manipulation procedures are described in 
Appendix A. 
Sample Sectioning and Examination  
Several specimens were selected for metallographic 
analysis and were sectioned and mounted as shown in Figure 3. 
All optical metallography specimens were prepared using 
standard techniques. Longitudinal sections cut through one 
fracture surface and transverse sections cut below and 
parallel to the other fracture surface of a specimen were 
mounted in diallyl phthalate, rough polished on silicon 
carbide papers (in a 320, 400, 600 grit sequence), and 
finely polished using a sequence of 1 micron, 0.5 micron, 
0.05 micron alumina slurry. Optical samples were etched 
using a solution of 33% nitric acid, 33% acetic acid, 33% 
water, and 1% hydrflouric acid. Immersion times were 
approximately four to five seconds. A LEITZ metallograph was 
used to examine grain size and secondary crack penetration 
depths. 
Complete fracture surfaces were mounted with silver 
paste on aluminum posts for SEM analysis. A CWIKSCAN 100 
field emmission scanning electron microscope was used for 
fracture surface analysis. Initiation sites were examined 
where possible, in addition to a study of secondary cracking 
and inclusions. 
CHAPTER IV 
RESULTS AND DISCUSSION 
Creel°, Characterization 
Fundamental Results  
Engineering strain versus time data for secondary and 
tertiary creep is presented in Figure 4. The corresponding 
basic characteristics of the creep tests are outlined in 
Table 3. 
To begin to characterize creep life with a continuum 
damage model, the steady state (stage II) creep strain rate 





where e ssc = steady state nominal creep strain rate 
a = applied nominal stress 
A,n = constants 
As calculated from the two constant nominal stress creep 
tests, the exponent n was determined to be 6.65, and the 
constant A = 3.18x10 -21 hr.. ' MPa-6 ' 65 . This formulation 
provides a simple, although incomplete, description of the 
dependence of creep strain rate on stress. As the continuum 
39 
, damage model is developed, the creep strain rate will be 
predicted not only for steady state creep, but for tertiary 
creep coupled with the creep damage parameter Dc , as 
discussed in Chapter II. 
Application of the Continuum Damage Approach  
The scalar creep damage parameter can be interpreted as 
the normalized loss of area of the specimen cross section 
due to the formation of voids or cracks [21]. In other 
words, a high value of Dc would correspond to a high ratio 
of void area to grain boundary area in a specimen undergoing 
creep damage. With no damage, Dc is set equal to zero; and 
at failure, the parameter is normalized to unity. 
A generalization of the damage rate method and a 
specific form of the continuum damage approach was suggested 




	 r (1-DC)r-k(c) 
A(1-DC ) 
(4.2) 
where A,r = temperature dependent constants 
k(a) = stress dependent constant 
By factoring out the quantity (1-Dc ) r and combining 









It is important to note that the purpose of the stress 
dependence on the parameter k, as defined by Chaboche, is to 
account for nonlinear damage cumulation for stress amplitude 
step tests. 
This form of the differential equation is solved by 
separation of variables for a constant nominal stress creep 
test. The damage parameter limits of integration are Dc= 0 
to D= 1 and the time limits are t = 0 to t = t R (= time to 
rupture). The following expression results: 
1 
t = Bar [k(a) + 1] 	 (4.4) 
By taking the logarithm of both sides, the material constant 
r is readily determined. 
log tR = -log B[k(a) + 1] - r log a 	(4.5) 
The quantity -r is the slope of the time to rupture versus 
stress plot on a log scale. This calculation is shown in 
Figure 5; i.e. r = 5.76. 
It is important to note, however, that there is an 
appreciable amount of scatter in creep rupture time data, 
typically as much as a factor of two at a given stress 
level. The preliminary analysis herein is somewhat 
incomplete since there were only two constant stress creep 
tests performed, and hence, only two data points for the 
determination of r. In a worst case consideration, r could 
change from its present value by as much as ±50% given 
sufficient data to characterize it with some measure of 
statistical support. 
In an attempt to study the question of scatter in 
rupture time, the two constant nominal stress creep tests 
were repeated (specimens S999-4 and S999-5) under identical 
conditions. These tests produced rupture times and strain-
to-failure data as presented in Table 3. Although the creep 
test analysis, as conducted in this study, was completed 
before these additional tests were performed it is important 
to note that with all four constant nominal stress tests 
considered, the value of r is changed from r = 5.76 to 
r = 6.61. 
In further characterization of the creep damage of MAR-
M 246 using expression (4.3), the constants B and k(a) were 
estimated. This was accomplished using data from the step-
stress sequence creep test. As with the above determination 
of r, the solution to the continuum creep damage model was 
utilized. Dividing the limits on integration into two parts 
- one for the high stress level initial segment of the step 
stress test, and the other for the low stress level 
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completion - the following integrals may be written : 
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where a ,a = low and high stress levels, respectively, 
LOW HI 
of the sequence creep test 
Dc = scalar creep damage parameter 
D = value of Dc at time at which stress level was INT 
decreased 
tINT = time at which stress level was decreased 
tR  = time to rupture 
k(a ),k
(a
m ) = parameter values depending on low 
and high stress levels respectively 
B,r = temperature dependent constants 
The solution of these integrals is : 
1 - [1 - DINT ] (k(alla ) 	1) = 	B(oHd r (tINT ) 	( 4.7a) 
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Thus, two equations were formulated containing four unknown 
quantities, Dna , k(am ), k(aum), and B. To complete a system 
of four equations, two additional expressions were required. 
By using the constant-stress-to-failure creep tests, two 
equations in the form of (4.5) were incorporated without 
adding any additional unknown variables. For the high stress 
level test, 
(tR0 ) -1 = Bar [k(an) + 1] 	 (4.8) 
and for the low stress level creep test, 
(tRL ) - 1 = Bar [k(a ) + 1] 	 (4.9) 
where tRH and tRI, are the rupture times of the respective 
tests in the absense of loading sequence effects. 
An iterative approach was developed to solve this set 
of four nonlinear equations. First, the creep damage 
parameter at the time of stress interruption was selected 
and held fixed. An arbitrary value for the constant B was 
then used in expressions (4.8) and (4.9) to obtain a first 
estimate of k(am ) and k(a ) respectively. Constant B and 
these values of k(a) were subsequently used in a Gauss- 
Seidel iteration routine of equations (4.7) to get a further 
calculation of k(a HI) and k(a ) based on the scalar creep  LOW 
damage parameter. This process of altering the value of B 
and iterating was repeated until convergence was reached 
with the value of k(on) being slightly greater, but 
reasonably close to the value of k(C LOW). This procedure was 
carried out for fixed values of D INT  ranging from .05 to .20. 
The results of this iteration procedure are presented in 
Table 6. 
Based on the application of a similar creep analysis 
performed on IN 100 (also a Ni-base superalloy) by Chaboche 
and co-workers [24], reasonable values for k(a) would be in 
the range of 4 or 5. The values of k(a HI) settled upon were 
greater than k(a LOW) to produce a greater damage rate for the 
more highly stressed case. It should be noted that the 
estimates of k(a) for each stress level calculation using 
the equations based on constant stress are also included in 
the tabulated results. With these calculations, the values 
of k(an ) are slightly less than the calculations for k(o LOW ) 
- and are both higher than the "anticipated" values. 
Consideration of strain to failure in the coupled strain -
damage equation will result in some further iteration of 
k(a) values as discussed later. 
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It is encouraging that the measures for the creep 
damage parameter are within reason, based on the work of 
Chaboche, since k(a) values are in the proximity of 4 to 5. 
More specifically, using the iterated formulations of (4.7), 
k(a) ranged from 3.75 to 5.97 for DItm between .07 and .10. 
Using the equations based on the constant stress tests (4.8 
and 4.9), k(a) was estimated between 4.03 and 5.27 for the 
damage parameter valued in the range .10 to .12. 
Much of the previous analysis was based on a rough 
estimate of the value of the interrupted creep damage 
parameter. It is possible; however, to determine Dm based 
entirely on metallurgical study, and therefore determine the 
values of the other constants of the continuum damage 
equation more readily. This would require another creep test 
at the same stress level as one of the previously completed 
constant stress tests. At a predetermined time, the creep 
test would be halted and the MAR-M 246 specimen removed and 
sectioned. From a study of void growth as a function of 
grain boundary area, the damage parameter could be 
determined directly. 
If this test were conducted at the higher stress level 
(a = a 
HI 
 ) then the expression involving a
LOW 
 would be 
eliminated and only two equations with two unknown 
quantities (k(a HI ) and B) would remain. These parameters 
could be solved explicitly and the resulting value of B 
could be used in conjunction with the test data for the low 
stress level test to determine k(aLOW  ) explicitly. 
It is therefore felt that at least one additional creep 
test should be run at either a stress level of 300 MPa or 
413 MPa and halted before rupture. A study of DINT based on 
the physical condition of the MAR-M 246 specimen and the 
resulting calculations of the remaining continuum damage 
equation constants, as outlined, would yield invaluable 
information on the accuracy of the creep characterization 
performed in this study. 
Creep Strain Rate Analysis  
Using the effective stress concept for uniaxial 




1 - D where D = D (4.10) 
where "c; = effective stress 
Then the creep strain rate equation (4.1) may be re-written 
as, 
a i n 
 e
C 
	A 	 LI - •  (4.11) 
Which, by considering a separate exponent on the damage 
accumulation term as proposed by Rabotnov (20], may be re-
formulated as, 
•c 1 e =  Aon  [1 - D 
(4.12) 
48 
The creep strain rate ec is used here since both secondary 
and tertiary creep are included. 
The main purpose of this dual exponent approach is to 
better model the tertiary creep regime and rupture time. 
Using the values of B and k(an ) deemed most likely to 
represent the true physical situation, the set of coupled 
non-linear differential equations (4.3 and 4.11) were solved 
using a fourth order Runge-Kutta method. Constant B was 
again slightly altered until the value of the creep damage 
parameter reached unity at the time of rupture of the high 
stress level test. The value of v was then altered until the 
numerical solution of engineering creep strain at the time 
of specimen failure best fit the experimental rupture strain 
for this test. This numerical approximation was plotted 
against the experimental data as shown in Figure 6. The 
quality of the approximation was improved by slight 
adjustments made to the values of constants A and n from the 
original Norton power law creep calculations. Special 
consideration was given to the secondary creep regime, due 
to its engineering importance. 
A similar procedure was followed in an attempt to fit 
the data from the low stress level creep test. Ideally, the 
values of B, r, A, n, and v should remain unchanged since 
they are stress-independent and this test was performed at 
the same temperature as the first. Using the same value of 
B, k(aum) was reduced until the continuum damage equation 
produced a damage parameter of unity at the experimental 
time to rupture of this test. The resulting value of k(aum ) 
was then less than that of k(a n) ; which is a more 
physically sound condition than the estimates in Table 6. 
The value of v used to produce identical 
numerical/experimental strain-to-failures for the high 
stress level test was incorporated into this fitting 
procedure. The result was a predicted strain-to-failure 
8.5% greater than that experimentally observed, a small 
difference considering the possible scatter associated with 
rupture data. 
The numerical approximation to the creep data is 
plotted in comparison to the experimental data in Figure 7. 
The only additional change from the values in the high 
stress level fit is that the constant A was reduced from 
2.8x10-21 to 2.4x10 -21 to provide improved numerical/ex-
perimental agreement for the secondary creep stage. Since 
secondary creep rates exhibit scatter, it may be desirable 
to view A as an average for the two tests. 
The values of all constants used in these fitting 
procedures are given in Table 7. Note that the best fit, 
determined by graphic comparison between experimental and 
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numerical data, resulted in k(on) = 5.11 , k(aum) = 4.72. 
These results correspond to an interrupted scalar damage 
value DINT of approximately .10 to .11, within a reasonable 
range, although somewhat arbitrary in the absence of 
metallurgical damage quantification. 
Due to potential confusion of the reader in following 
the numerical procedures outlined, a simplified step by step 
guide to the creep characterization process is included in 
Appendix B. The procedures are broken into two segments; one 
for the estimation of constants of the continuum damage 
equation, and the other for the numerical solution to the 
coupled strain/damage equations. 
A plot of the scalar creep damage parameter Dc versus 
normalized time for both constant stress creep tests is 
presented in Figure 8. This data graphically demonstrates 
the more damaging effects of low-high stress level sequences 
compared to high-low stress sequences for the same time 
fraction, t/ta . These effects are in agreement with the work 
of Woodford [30]. 
Fatigue Characterization  
Fatigue Damage Model 
As discussed in the literature review of this study, 
Majumdar and Maiya [27] present a strain-based damage rate 
model which couples the cyclic extension of fatigue cracks 
with creep cavitation growth. The appeal of this approach 
lies in the fact that the formulation has the potential to 
predict pure fatigue damage, pure creep damage, and creep- 
fatigue interactions accurately. This damage rate model has 
been successfully applied to creep-fatigue life prediction 
of Type 304 stainless steel in the range of 480°C to 600°C. 
At the various temperatures used in the study, predicted 
lives deviated from experimental determinations well within 
a factor of two. A second class of material, 2-1/4 Cr - 1 
Mo steel, was also analyzed in the same temperature regime 
with similar results to those of the stainless steel. Hence, 
it can be stated that this damage rate model works well for 
materials which exhibit creep-fatigue interaction under 
isothermal loading. 
There are certain aspects of the damage rate model 
which present uncertainties in its application to life 
prediction of Ni-base alloys, i.e. the material of concern 
to this study. First and foremost, there is no provision to 
calculate time-dependent environmental interaction with 
crack growth in the model's form as shown in equation 
(2.50). In addition to creep damage, environmental damage 
can influence the fatigue damage rate since embrittlement of 
grain boundaries ahead of the fatigue crack enhances growth. 
This is especially important when considering superalloys 
due to the greatly pronounced effect of environment on 
damage as shown, for example, by Pedron and Pineau [37] and 
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Cook and Skelton [38]. 
A second important shortcoming of this damage rate 
approach is that there is no methodology suggested for 
extending the model to nonisothermal loading. Although this 
initial study is concerned with life prediction of a Ni-base 
superalloy at a single temperature, it is the intention of 
the overall experimental program to approximate 
thermomechanical fatigue of Ni-base superalloys. 
It is important to note two further uncertainties in 
the approach suggested by Majumdar and Maiya. The 
application of this model to more ductile materials does not 
necessarily extend to the less ductile superalloys. The 
plastic strain range is relatively small for Ni-base alloys 
as compared to those for stainless or pressure vessel 
steels; this can lead to significant relative errors in 
applying the life prediction method to actual components 
where the plastic strain ranges must be estimated. A final 
uncertainty concerns the approximation of the initial crack 
length, which is assumed to nucleate at some time early in 
the fatigue life. Estimations used by Majumdar [27] were on 
the order of the initial roughness of tested specimens. 
Unfortunately, due to a lack of well-developed striations on 
the fracture surface of many of his tested specimens, crack 
length measurements were not possible,and hence, the value 
of the initial micro-crack length was somewhat arbitrary. 
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Of course, this is a classical problem of "initiation 
mechanics". In this presentation, a more detailed 
treatment of micro-crack initiation will be undertaken. 
Based on these uncertainties of the fatigue damage rate 
model derived by Majumdar and Maiya, a variant of this 
approach and the continuum damage approach may be proposed : 
• 
-5 DF 	A(a) 1 + aln Dc + pin DE IE N I m  Ae N n (4.13) 
co 	m 	2 D 
  
where, DF = fatigue damage (crack length) 
D = environmental damage (oxygen penetration depth) 
D ,D = thresholds below which fatigue damage does 
CO E0 
not interact with creep or environmental 
damage, respectively 
kNI= absolute value of inelastic strain rate 
(a2)/2 = inelastic strain amplitude 
A(a) = coefficient to account for mean stress effects 
a,fl,m,n = material parameters ; temperature-dependent 
Although this formulation is written in terms of 
continuum damage parameters to follow the representation of 
the creep damage model, a direct analogy can be made between 
DF  and "a" (crack length) in the Majumdar and Maiya 
representation in equation (2.50). Unlike the continuum 
creep damage parameter D c , DF and DE do not range in value 
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from 0 to 1 as a fractional representation of material 
damage. Instead, they have an absolute physical value of 
crack length and oxygen penetration depth, respectively. 
The major difference between this hybrid continuum 
damage rate equation and that of the original damage rate 
approach lies in the fact that there is an explicit 
environmental damage consideration. Parabolic oxygen 
penetration [39] is assumed and can be represented generical-
ly by the equation, 
D = h(t) exp (:2-(21 ) RT (4.14) 
where, 	Q(a) = activation energy for oxidation 
R = universal gas constant 
T = absolute temperature 
h(t) = time-dependent coefficient = Dt -1/2 for 
parabolic oxygen penetration 
It is not possible to ascertain exact environmental 
effects of damage on fatigue life without conducting 
material tests in a vacuum environment. Since this is not 
yet done in this study, environmental effects on the low 
cycle fatigue life of MAR-M 246 will be estimated through 
metallographic analysis of specimen fracture surfaces and 
secondary cracking. Results will be compared with recent 
studies of environmental damage of nickel-base superalloys 
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at elevated temperatures in a later section. 
Classification of Fatigue Damage  
Fatigue damage is defined in terms of crack length. The 
first difficulty encountered in the development of fatigue 
damage initiation is found in its definition. There are three 
stages of crack initiation as outlined by Chaboche [4]. The 
first is crack nucleation, which is often associated with 
slip band spacing at the specimen surface or along grain 
boundaries which intersect slip bands. This definition 
will be studied in detail later. 
The second level of fatigue damage is micro-crack 
initiation and propagation, the "substructural scale". One 
definition of initiation at this stage is the transition 
between crystallographic and principal stress cracking, i.e. 
extension through or along a few grains [4]. Of primary 
concern in this study is micro-crack propagation. It is in 
this regime that the continuum damage rate equation for 
fatigue will be applied. 
The third stage of initiation is macro-crack 
initiation. At this level, a crack has to show a definite 
"geometrical dominance" in order to apply fracture mechanics 
concepts. In engineering structures, this level of damage is 
initiated when a crack is on the order of 1 mm, typically 
encompassing at least several grains. A large number of 
studies have been conducted on Ni-base superalloys at elevated 
temperatures which model macro-crack propagation through the 




where, 	a = current crack length 
N = current cycle number 
AK = stress intensity factor range 
C,m = constants 
For example, Shahinian [40] has studied macro-crack 
propagation of several nickel-base alloys between 24°C and 
704°C, where AK is normalized by the elastic modulus in an 
attempt to account for temperature (i.e, environmental) 
effects. Resultant values for C and m were approximately 
2.8x10 6 and 3.5, respectively, at room temperature and 
1.7x10 6 and 3.5, respectively, at 704°C. 
Due to the progress of researchers [see 40-42] in 
modelling macro-crack propagation of Ni-base superalloys, 
the application of the methodologies of this stage of 
cracking in this work is not deemed necessary. 
Short Crack Considerations  
Although this study is concerned with crack nucleation 
and propagation on the substructural scale, the relationship 
between the proposed damage rate model and macro-crack 
propagation correlated by the Paris Law must be studied. On 
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the macro scale, the Paris Growth Law may be written in rate 
form , 
da 
dt = vC(AK) 14 (4.16) 
where Y = cycling frequency 
The limits of integration on the crack length parameter 
range from macro-crack initiation, a = a i , to a critical 
crack length resulting in failure, a = a f . 
It is important to note that in Majumdar and Maiya's 
damage rate model for fatigue [27] (see 2.50), the crack 
growth rate is proportional to some power of the inelastic 
strain amplitude with explicit crack length dependence, i.e. 
Lie 
 N) m • a 0.4. a(--- 
2 
(4.17) 
In other crack propagation models, for example [9] and 
[43], there is no "a" dependence proposed. For micro-crack 
propagation, the question then arises, is crack length 
dependence necessary in a fatigue damage model? 
In the case of dependence only on (Ae N/2), i.e. no "a" 
dependence, the assumption is made that far field inelastic 
strain amplitude (or stress amplitude) relates uniquely to 
the crack tip inelastic strain amplitude through a Neuber's 
Rule type of argument. However, for the case of even a short 
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crack, it is established that linear elastic fracture 
mechanics (LEFM) can apply, limited in accuracy, of course, 
by the anisotropic effects inherent to the case of crack 
length on the order of microstructural periodicities. 
However, the complete William's Series expansion for stress 
(and stress range) at a crack tip, as discussed by Carlson 
and Saxena [44], includes terms of higher order which become 
important for short cracks, i.e. 
a 
ry
(x ,0) = 	K ATTrx + c ).175 + (x312 ) + 	(4.18) 
where, a 
Yr
(x,0) = stress ahead of crack tip 
KI  = stress intensity factor for Mode I 
(opening) fracture = YalTi 
x = distance from crack tip 
c = constant 
It is evident from this argument of crack length dependence 
of cyclic crack tip stress amplitude, and hence, inelastic 
strain amplitude, that a need is established for "a" 
dependence in a fatigue micro-crack growth law. 
From equation (4.18), for x ;I a and a 'A D (where D 
is defined as the process zone size), the first two terms of 
the expansion can be of the same order of magnitude. 
Therefore, the stress field at a crack tip excluding the 
higher order terms of the William's Series expansion may be 
smaller in magnitude than if the complete series (i.e. higher 
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order terms included) was utilized. Furthermore, using the 
higher order terms in (4.18) results in an "a" dependence 
different from that if only the first term were used. If 
only the first term was considered, the crack length 
dependence would be defined by K 1 . Since Kr = YaTITi, the 
dependence of crack length in the fatigue damage model would 
be, 
A .4 G(a 1/2 ) 	 (4.19) 
where G is some function of a1/2. 
If an erroneous attempt was made to use AK to correlate 
fatigue crack growth for constant amplitude and constant 
strain rate cycling, then, 
a 0, (AK) 2q . aq 
	
(4.20) 
where q is a constant. 
With the complete solution, the influence of the higher 
order terms may be instantaneously thought of as 
contributing to a fictitious crack length in a AK expression 
such as (4.16), 
0, (AK"' 
where, 	AKh = YAcr 7 tr( 71- a ) h 
ah  = correction for higher order terms 
M = Paris Growth Law exponent 
(4.21) 
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Equating expressions (4.20) and (4.21) for a constant stress 
range, La, 
(AKI,)H = ( AK) 
24 	 (4.22) 
which may be rewritten, 
q = 2 (logAKh/logAK) 
	
(4.23) 
Since AK 5- AK.11 for ah  > 0, the bound results that q > (m/2). 
Hence, this argument establishes not only a need for crack 
length dependence in the fatigue damage rate equation, but a 
nonlinear dependence governed by the exponent q (as shown in 
4.20) for substructural crack propagation. It must also be 
noted that q can be variable; i.e. its value could depend on 
other state variables or indeed crack length itself. In fact, 
Carlson and Saxena have shown that the nature of the higher 
order terms is geometry dependent, so that ah and ultimately 
q would also depend on geometry. However, this level of 
complexity will not be introduced in the present work, but 
we merely recognize that micro-crack length dependence differs 
from the dominant micro-crack case. 
The preceding discussion was based upon the differences 
between the treatment of long and short cracks. Long cracks 
exhibit a "threshold" AK effect. This means that when a 
th 
crack length is reached where influencing effects of the 
inelastic strain amplitude and stress amplitude at the crack 
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tip on the crack propagation rate (da/dN) reach a threshold 
level, propagation may successfully be correlated via LEFM 
techniques. 
For short cracks, the crack tip Aa-Ae N fields include 
higher order terms than the X-112 singular solution; the 
dependence on crack length with q > M/2 reflects this. If the 
transition from micro-crack propagation to the Paris Growth 
Law regime were truely made, the nonlinear crack length 
exponent, q, would yield a simplistic "continuity" condition 
of q = V2. However, threshold effects associated with the 
crack tip plastic strain range are incorporated via the 
relation (AE N/2) 11 , where n may implicitly include micro-
structural effects such as crack closure. 
For the micro-crack regime of damage, a modification to 
the damage rate model discussed above is now presented : 
1 da = A(a) 1 + aln Dc + /31n DE I iN I AE N n (4.24) 
;11 dt 	 Dco 	DEO 	2 
To prevent confusion on later integration of this model, the 
limits of integration on crack length in (4.24) range from 
crack nucleation length at the substructural level, a = ao , 
to macro-crack initiation, a = ai . The limits on time range 
from t = 0 (assuming immediate nucleation) to t = ti . 
Development of Fatigue-Environment Interaction Theory 
Proposed in the fatigue continuum/damage rate model is 
an explicit coupling of environmental damage with a 
parabolic oxygen penetration equation. However, it is not 
known at this point whether such a coupling, as expressed in 
the pin(Dr/DE0) term, will predict the environmental aspect 
of fatigue damage with the success of the can(Dc/ Dco ) term 
for creep-fatigue interaction as demonstrated by Majumdar 
[27]. 
The pertinent question to be discussed is how can 
fatigue-environment interaction be characterized? Two 
aspects of environmental damage, as defined in terms of 
oxygen penetration, may be considered. The first is a 
discontinuous effect of oxygen penetration on damage. By 
this, it is meant that as a crack propagates, oxidation 
ahead of the crack tip reaches a threshold level where the 
crack instantaneously jumps along this environmentally 
attacked path. The second is a continuous effect of oxygen 
penetration on damage. This simply means that the micro-
crack propagates in a continuous manner with a continuous 
buildup of an oxygen damaged path ahead of the crack tip. 
This study will focus on these two physical 
characterizations of fatigue-environmental damage 
interaction. 
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Discontinuous Environmental Effects on Fatigue  
When considering the discontinuous effect of oxygen 
penetration on damage as described above, an attempt to 
model the discontinuity (i.e. crack "jumping" along an 
environmentally penetrated path) can be made through the use 
of a Dirac delta function as follows: 
) 1 da = A(a) 1 + can Dc 	Ae Mnn 	q + a 	8(t-t ) fi(t) 
—4 -- a dt 	 D L 2 co (4.25) 
where, a = function governing time-dependent diffusion of 
oxygen at the micro-crack tip 
tox. = time for oxidation penetration for j th  discrete 
crack growth event 
Note that t must be related to the satisfaction of some o - xt 
crack tip rupture criterion based on a combination of stress 
and oxidation penetration depth. With this expression the 
rate of fatigue damage is continuous until a time is reached 
when t = tm and a critical depth of oxygen penetration 
causes an instantaneous jump in the crack length governed by 
the time-dependent function fi. 
Unfortunately, a discontinuous description of this 
nature contains inconsistencies. After each "jump" is 
encountered, the limits of integration of the rate equation 
must be altered to account for the instantaneous increase in 
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micro-crack length. This formulation would also lead to 
incorrect sequence effects (i.e. a low-high stress sequence 
would appear more damaging than a high-low stress sequence 
effect). This feature runs counter to observed physical 
observations of fatigue damage. It is therefore felt that a 
continuous damage growth mode dependent on environmental 
penetration is more mechanistically appealing. Even if 
cracks grow intermittently at the substructural level, as is 
sometimes observed, the assumption of a continuous growth 
law is consistent with the analogous treatment of 
intermittent macro-crack propagation at the structural or 
continuum level. 
Continuous Environmental Effects on Fatigue  
Rate-Type Effects Incorporated in Wm Term.  
A continuous effect of oxygen penetration on fatigue 
micro-crack propagation would allow for the environmental 
interaction initially considered explicitly in the 
filn(DE/DE0 ) term to be incorporated in the strain rate 
dependence of the damage rate model. In other words, the 
strain rate dependence can be considered as a combined 
description of strain rate and oxygen penetration damage . 
This could be viewed, for example, as a frequency modified 
approach [2]. At the outset, it should be noted that such 
an approach does not include explicit dependence on 




For constant strain rate (here we do distinguish 
between inelastic and total strain rate), completely reversed 
cyclic deformation (no mean stress effects), integration of 
the damage rate model on the micro-crack scale yields the 
following : 
1 	1 - A' (q-1) Iii m(Ae Nr-t 
a acri.  0 
(4.26) 
where, ao ,a = micro-crack nucleation length and current 
micro-crack length, respectively 
t = current time 
A' = current value of A(a) for zero mean stress 
Note that for symmetric cycling, the assumption is made that 
creep cavity growth does not occur. Therefore, the constant 
a in equation (4.13) has been set equal to zero. 
In order to agree with the physics of the problem, the 
current crack length must be greater than the crack 
nucleation length. This means that the right side of the 
above equation must be positive - resulting in a lower bound 
for the exponent q of unity. 
There are several ways to approximate values for the 
left side of the equality (4.26). First consider both a o and 
a to be constants. Considering the limits of integration of 
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equation (4.13) for crack length to be between a = ao and 
a = a (= macro-crack initiation length), and for time between 
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2x ^ n  i  (4.27) 
Combining constants and taking the logarithm of both sides, 
the following equation results : 
P = m loge l+ n log T + log ti 
	(4.28) 
where P is a constant. 
From this expression, the exponent n is readily 
determined for constant values of a 0 , a i , and strain rate. 
The quantity n is the negative inverse of the slope of the 
inelastic strain amplitude versus time to failure on a log 
scale. It was assumed that the propagation life was 
negligible compared to the total fatigue life, hence, 
t = t. The calculations for the strain rates used in the 
MAR-M 246 low cycle fatigue tests are shown in Figure 20; 
i.e. for i = 10-2 sec-1 , n = 1.04; for e = 10 -3 sec-1 , 
n = 0.91; for j = 10-4 sec-1 , n = 1.13. The resulting average 
value of n is 1.03. 
The resulting linearity of the data in Figure 20 lends 
credibility to the idea that the environmental effect on 
*PION1111111 4111111114111111MMIti. 
fatigue damage is not, as originally proposed, based on a 
/31n(DE/DE0) term in the damage rate equation (4.24). The form 
of equation (4.24) implies a nonlinear log(AE N/2) versus log 
t plot. Although the values of n are close, which means the 
log(A€ M/2) versus log tf curves are very nearly parallel, 
this observation is based on a small data set. Also note 
that the assumption of constant ao and o f is indeed suspect. 
Further analysis of the oxygen penetration effect must be 
undertaken. 
Maintaining the idea that ao is constant, a further 
classification of the left side of the equality in (4.26) 
concerns the value of the fatigue damage at the onset of 
macro-cracking; i.e. a = a i . Initiation at this level may be 
expressed in terms of oxidation penetration depth, 
oQ 	 C 2 i (4.29) 
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Here and C are constants and 1 is associated with the 1 
oxygen penetration depth resulting in crack formation at a 
critical stress amplitude level. Hence, this is a psuedo-
fracture criterion. Values for the exponent 2 of 
apporoximately 0.23 have been observed by Antolovich and 
Jayaraman [28] for several Ni-base alloys at elevated 
temperatures. For example, Rene 80 at 982°C and 871°C had 
values of of 0.21 and 0.23, respectively. Studies with 
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Rene 77 at 927°C and Nimonic 90 at 810°C resulted in values 
of 0.25 and 0.23 for 2, respectively. 
Applying this result for macro-crack initiation in 
expression (4.27), assuming l i = ai , and using the cyclic 
stress-strain power law relation (see equation C.6) to 
rewrite the stress amplitude in terms of strain amplitude, 
the formulation becomes (assuming constant I'M: 
(1-q)// 
l / t2 = (q-1)A'lil
m(Ae N n  t 




where, 	K' = cyclic strength coefficient 
n' = cyclic strain hardening exponent, and again, 
ao is considered constant. 
This characterization, no matter what values were 
chosen for the exponents q, 2, n', would not produce linear 
curves for the log(Ae N/2) versus log tf data at constant 
strain rates. Although a mechanical argument was enabled, 
this formulation does not reproduce aforementioned trends. 
A third classification of the left side of equation 
(4.26) maintains the ideas developed above for macro-crack 
initiation and, in addition, presents a refinement to the 
assumption that crack nucleation is defined in terms of slip 
band spacing. This observation, as reported by Antolovich, 
Lerch, and others [46,47] is based on a relationship between 
slip band spacing and plastic strain amplitude, 
= C ( -4112 ) -k 
2 	2 (4.31) 
where, 	i = slip band spacing (stress-dependent) 
C2 , k = constants 
This formulation models the observed phenomenon of decreased 
slip band spacing for increased plastic strain amplitude. 
For Waspaloy (a wrought Ni-base superalloy) tested at room 
temperature in an air environment, values for C3 and k were 
found to be 0.846 and 0.518 respectively [45]. 
Following the assumption that i = ao [46], the 
substitution of (4.31) into (4.30) using the inelastic strain 
amplitude, results in 
2
(1-q) eie N)-k(1-q) 
2 
Kl(—
tIeN ) n" 
2 
(1-0// 
= (q-1)A' lE l in(Aen n t 
i 
(4.32) 
and after rearranging constants and exponents, 
(1-0 	x 	
C (1-q)  / f AE N ) -n' (1-q) 1  
yk(1-q) 
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(4.33) 
It is observed at this point that in order to produce 
constant slope curves for log(Ae N/2) versus log t t data, the 
69 
exponents on the strain amplitude on the left side of the 
equality (4.33) must be equal; i.e. k(1-q) = n'(1-q)/2. This 




Based on values of k = 0.518 and 1 = 0.23, a value for 
the cyclic strain hardening exponent is suggested as 
n' = 0.12. For the MAR-M 246 specimens tested, the average 
value for n' was equal to 0.18 (see Table 9a). This is 
within reasonable agreement with to n' = 0.12 produced by the 
above constraint, considering the amount of data available 
and the potential scatter therein. 
Further Estimation of the Strain Amplitude Exponent  
As mentioned, determinations of the exponent n were 
based on the assumption that the crack nucleation length and 
the macro-crack initiation length are constant at a given 
strain rate (see 4.28). With the consideration of the 
fatigue-environment couplings just discussed, it was 
determined to be more physically appealing to consider ao 
 and a as dependent on inelastic strain amplitude. 
Therefore, the slopes of the log(ie N/2) versus log tr curves 
do not define the value of n uniquely. 
By taking the logarithm of both sides of equation 
(4.33) and incorporating the constraint k = n'/2, it is 
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observed that to produce linear (AE N/2) versus tr curves on 
a log-log scale, 
-k(1-q) - n = Nave 	 (4.35) 
where, N = average value of the inverse of the 
ave 
slopes of parallel log(Ae N/2) versus 
log tf curves, which equals -1.03 
Based on an average value of n'= 0.18 from the reduction of 
the low cycle fatigue data (to be discussed in a later 
section) and a value of 0.23 for the exponent /, k is 
estimated to be k = 0.78. From the work of Shahinian [40], 
previously mentioned, the value of the Paris Growth Law 
exponent, M, for nickel-base superalloys was reported as 
M = 3.5. This would suggest a value for the exponent q of 
q > M/2 > 1.75 based on previous short crack arguments. With 
these calculations and using the minimum value of q = 1.75, 
an updated estimate of exponent n is given by, 
n = -k(1-q) - Nave = 1.62 	 (4.36) 
Of course, n must be positive in order for expression (4.27) 
to make physical sense; i.e. increasing the inelastic strain 
amplitude increases the fatigue crack growth rate. This 
first order check is satisfied with the chosen value of q. 
As noted earlier, q can be dependent on oxygen penetration 
or other state variables and geometry. 
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Estimation of the Value of the Exponent m 
From the log(Ae N/2) versus log tf curves, data for time 
to failure versus strain rate for a constant inelastic strain 
amplitude was obtained and plotted as shown in Figure 21. 
Again, taking the logarithm of both sides of (4.33) and 
considering the inelastic strain amplitude constant, the value 
of the strain rate exponent m was calculated from the 
inverse of the slopes shown in Figure 21. This was done at 
(AE N/2) = 0.0060 in/in and (DE N/2) = 0.0009 in/in, resulting 
in values of m = 0.94 and m = 0.98, respectively. This data 
corresponds to an average value of m = 0.96. It is important 
to note the closeness of the experimentally determined 
values for m to unity. This suggests a minimal strain rate 
dependence in the damage rate model; i.e. if the value of m 
was equal to unity, the explicit time-dependence found in 
the integrated form of the model (see 4.27) would cancel. 
This suggests that though this material, significantly rate-
dependent at 900°C, experiences time-dependence of damage 
rate predominantly through environmental attack rather than 
rate-dependent plasticity effects. It is interesting that 
this conclusion may be drawn in the absence of vacuum tests 
eventhough such tests would be ultimately conclusive. 
Environmental Effects Contained in Parabolic  
Time-dependence  
It is more physically appealing to include explicit 
dependence on environmental penetration than to assume that 
environmental interaction is implicitly contained in the 
strain rate dependence. Although a parabolic form of oxygen 
penetration is exhibited by many metals over some range of 
temperatures [48], it cannot be assumed that the fatigue 
crack growth rate equation (4.27) can be coupled with an 
explicit t 1 " 2 dependence. Oxygen penetration is not 
necessarily related to crack propagation on a "one-to-one" 
basis; therefore, the time dependence describing 
environmental attack in the damage rate model may be 
expressed, in general, as 
yR -;71 	= A(a) ( 	ox 	+ alp 	(-T)
n
dt 	 dt Dco 
D 1.111m 1 da dC c 
	
E 	 e 
where, 	Cox  = oxide concentration 
R = constant 
(4.37) 
The expression (dCm/dt) is a description of the rate 
of build-up of oxidation; which is believed to be 
proportional to t-1/2 (i.e. parabolic). At this point in the 
research program, it is not possible to determine further 
the nature of the environmental interaction in the fatigue 
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model. Future tests to be conducted in a vacuum environment ' 
will provide significant information as to the rate and 
severity of the oxidation process. 
For completely reversed cycling at a constant strain 
rate and assuming, as in equation (4.33),that a , and ai are 
functions of (Aer/2) and (dCm/dt) oc  t-1/21 integrating (4.37) 
results in 
G 
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2(q-1)A'kl H = 	  = constant 2-R 
Taking the logarithms of both sides of equation (4.38), the 
following expression is obtained: 




[-k(1-q)-n] log " E -- 12- R ) log ti + constants 2 	k 2 / (4.40) 
Analogous to equation (4.35), in order to produce linear 
(AE N/2) versus t curves on a log-log scale, 
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2[-k(1-q)-n] _ N 	 (4.41) 
2-R 	ave 
where N is, as before, the average value of the inverse of ave 
the slopes of the parallel log(AE N/2) versus log ti curves 
(Re: t = t). 
For tests performed in a vacuum environment at a 
constant strain rate, R = 0. This would result in the 
reduction of (4.41) to -k(1-q)-n = Navel which is identical 
to the result obtained by the assumption that all rate-type 
environmental effects are contained in the strain rate 
dependence. However, this expression allows for the 
determination of the exponent n once q is selected and k is 
specified. Recall that k may be determined from slip band 
measurements or from the constraint, k = n'/2, where 1 = 0.23. 
For tests conducted at different, but uniform strain 
rates at a constant inelastic strain amplitude, taking the 
logarithm of both sides of equation (4.38) would yield the 
following: 
Ki = K2 	m loglil + 2:2--11- log ti 	 (4.42) 
where K1  and K2  are constants. 
If NR  is defined as the slope of the log e versus log ti i 
curves (Figure 21), then 
N = -2m/(2-R) 
	
(4.43) 
Once q is selected (either as a constant such as q = V2 or 
as a function of crack length and geometry), n is determined 
from vacuum test data. It follows that the exponent R is 
known from equation (4.41) and the exponent m is calculated 
with expression (4.43). Hence, the importance of conducting 
vacuum environment experiments to further characterize the 
parameters of the microcrack growth model is evident. 
Metallographic Observations  
Optical Microscopy  
Following the procedures outlined in Chapter III, the 
tested MAR-M 246 specimens were sectioned and mounted (as 
shown in Figure 3) to facilitate a study of the micro-
structure and failure characteristics of the superalloy. 
From the samples sectioned horizontally, below the 
fracture surface, the grains were large enough to be 
discerned with the naked eye, on the order of millimeters in 
length for the longest dimension. The grains were radially 
elongated from the center of the specimen with an aspect 
ratio (length : height and width) of approximately 6:1. The 
shape and orientation of the grain structure is a direct 
consequence of the casting process. Non-uniform cooling of 
the molten material (i.e. surface solidifying before the 
core) produced the radial pattern described above. The 
relative size and shape of the grain structure can be seen 
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in Figure 23. (Note that this is a specimen sectioned 
vertically through the fracture surface.) 
Apparent in Figure 23 is evidence that specimen failure 
occurred via intergranular primary cracking. All the samples 
examined demonstrated this intergranular mode of failure. A 
second example is shown in Figure 24. The overall 
characteristics of the fracture surfaces will be described 
in the next section. 
Also observed on the longitudinally sectioned samples 
was a varied amount of secondary cracking (see Figures 24 
and 25). For the majority of the secondary cracks optically 
inspected, initiation occurred at a grain boundary. This can 
be explained in terms of environmental attack, i.e. 
oxidation penetration along a grain boundary. As was 
presented in equation (4.29), initiation of a macrocrack may 
be expressed in terms of oxidation penetration depth, 
(1) , 1 2 = 
Assuming parabolic oxidation kinetics, Antolovich and 
Jayaraman [28] proposed a model that relates the depth of an 
oxide spike to the time of the test, 
1 	t ] 1/2 [ ci 
1 0 	t 
i ci 
(4.44) 




1 = oxygen penetration at initiation 
t ° = time for shortest test ci 
t = time for crack initiation ci 
For purposes of developing a correlation, 1. 1° is set equal 
to unity. Hence, the value of li can be calculated relative 
to the shortest test. Using time to failure data, the 
relative assumed oxide depth, l i , was calculated using this 
parabolic relation. Then, these computed values were plotted 
against stress amplitude (log scale) as shown in Figure 22. 
From a linear regression of this data, the value of the 
exponent 2 in equation (4.29) was determined to be 0.19. 
The average value for in the study by Antolovich and 
Jayaraman [28] was, as disussed previously, 0.23. Thus the 
assumption of parabolic oxidation kinetics is supported by 
the relative agreement of these results. It must be noted, 
however, that an appreciable amount of scatter exists in the 
MAR-M 246 stress amplitude versus relative oxide depth data; 
this must be taken into consideration when choosing a value 
of the exponent 2 in further computations. It is due to this 
uncertainty that the average value of 1 = 0.23, based on a 
relatively large data set, was incorporated into the fatigue 
characterization analysis (equations 4.29 to 4.36). 
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SEM : Fracture Surface Observations  
Several specimens were prepared for analysis with the 
scanning electron microscope (SEM) as outlined in Chapter 
III. Immediately apparent, without magnification, was a 
radial pattern on all of the fracture surfaces. This 
pattern, also seen in the sub-fracture surface optical 
micograph specimens, suggests further evidence of an 
intergranular crack path. An example of this type of 
fracture is shown in Figure 26; which shows a grain 
partially dislocated at the edge of the fracture surface . 
This specimen (G-12) was tested at a high strain rate 
(10-2 sec-1 ) and high strain amplitude (1.0%). Unfortun-
ately, particular primary crack initiation sites were not 
determined due to the heavily oxidized condition of the 
fracture surfaces. Only general trends and features of 
the surfaces were discernable. 
Although the radial characteristic was evident in all 
of the fracture surfaces, those specimens tested under 
conditions which led to relatively long cycling times 
produced somewhat less-featured fracture patterns. One 
example is shown in Figure 27. This specimen (G-4) was tested 
at a strain rate of 10 -4 sec and a strain amplitude of 
0.4%; resulting in a time-per-cycle of 160 seconds. The 
duration of this cycle allowed for a great deal of time-
dependent deformation, producing relatively smooth wave 
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fronts of inelastic deformation on parts of the fracture 
surface. 
For all SEM-observed specimens, secondary cracking and 
slip band traces were present. The greatest degree of 
secondary cracking was observed on specimen G-12 (Figure 28); 
which was a high strain rate / high strain amplitude test. 
Tested at the same strain amplitude (1.0%) but at a lower 
strain rate (10-4 sec-1 versus 10 -2 sec-1), specimen G10 
(Figure 29) produced a high intensity of slip bands but the 
secondary cracks were not as pronounced as those in specimen 
G-12. This fact can be attributed to the longer cycle time 
for specimen G-10; i.e. the "longer" test resulted in a 
greater degree of grain boundary oxidation and thus, smaller 
secondary crack openings prior to failure. At this amplitude 
it must be noted that the secondary cracking observed in 
these two specimens occurred along grain boundaries which 
ran parallel (Figure 28) and perpendicular (Figure 29) to 
the slip bands. 
Along similar lines of discussion, specimen G-4, with a 
low strain rate (10 -4 sec-1 ) and a low strain amplitude 
(0.4%), did not produce as intense a degree of slip bands or 
secondary cracking as was observed in other specimens. 
However, the secondary cracks present were larger in 
magnitude, on average, than those of other specimens. The 
relatively long cycle time (160 seconds), as discussed 
above, allowed for a considerable amount of deformation 
before failure. Figure 30 shows a large secondary crack 
produced along a grain boundary with intersecting slip bands 
(triple point) just below the fracture surface; which is 
visible at the top of the photograph. 
Although less-featured and containing fewer slip band 
traces, specimen G-22 (i = 10 -2 sec-1 , AE/2 = 0.4%) exhibited 
a considerable amount of secondary cracking. It was observed 
that, as with all other analyzed specimens, the secondary 
cracks led right up to the fracture surface. Also in 
accordance with previous observations, a large percentage 
of the secondary cracks formed at or along oxidized grain 
boundaries (see also Figure 31). The overall condition of 
the fracture surfaces and the location and intensity of the 
secondary cracks points towards the strong influence of 
environmental attack (i.e. grain boundary oxidation) of the 
MAR-M 246 low cycle fatigue specimens tested in a laboratory 
air environment at 900°C. 
The SEM studies revealed that higher plastic strain 
ranges and rates lead to intense slip band traces at the 
surface and produce significant secondary cracking on 
intersecting grain boundaries. Lower strain amplitudes and 
rates lead to more time-dependent deformation. In all cases, 




CONCLUSIONS AND INDICATIONS 
The present study examined the feasibility of and 
developed the background for the formation of a thermo-
mechanical fatigue model applicable to nickel-base 
superalloys. Through the use of a continuum damage approach 
and a modified damage rate method, some of the effects of 
creep, low cycle fatigue, and environment (along with 
interactions) were examined for cast MAR-M 246. Although the 
tests and analysis were performed at a single, elevated 
temperature, the initial investigation provided the 
framework for future development of a nonisothermal fatigue 
model. 
Creep Damage Correlation  
The Continuum Damage Approach, as detailed by Chaboche 
et al. [24], modeled creep damage accumulation with a 
relatively high degree of success; based on the limited 
amount of creep data generated. Methods for determining the 
parameters of the creep damage equation were established; 
eventhough the actual results are suspect due to the 
estricted data set. Two additional creep tests were 
repeated, after the initial numerical analysis was 
completed, under identical conditions as the original 
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constant stress tests in an attempt to estimate the scatter 
in the creep rupture time data. The reduction of the 
additional data suggested a value for the exponent on 
stress, r, of r = 6.61 instead of r = 5.76 based on the 
original two tests. Both of these results are close to those 
obtained by Chaboche and associates [49] for IN 100 tested 
at 900°C (r = 6.3) and at 1000°C (r = 5.2). 
Obviously, additional creep tests will provide 
increased accuracy and statistical support for the 
determination of the creep model parameters. In addition, 
detailed metallurgical examination of void growth would 
yield a primary check to the numerical methods outlined 
here. 
Fatigue-Environment Characterization  
Although it is not possible to rigorously quantify the 
environmental effects on fatigue damage in the elevated 
temperature testing of MAR-M 246 without performing 
comparative tests in a vacuum environment, the analysis of 
the existing low cycle fatigue and tensile data produced 
several interesting findings. 
First of all, based on short crack considerations, a 
need for a nonlinear crack length dependence, i.e. the 
(1/a(1) term, in the fatigue crack growth law was established 
for substructural crack propagation. However, the 
determination of the value for this exponent for MAR-M 246 
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remained somewhat arbitrary due to the fact q may be 
variable and even geometry-dependent. Short crack 
considerations produced a lower bound for this parameter 
(q > M/2) which was used in subsequent anayses. 
Although a continuous environmental effect on fatigue 
damage where all rate-type effects are incorporated in the 
strain rate dependence of the micro-crack growth model did 
not include explicit dependence on environmental penetration, 
the considerations employed in its analysis provided a means 
for applying established micromechanical relationships to 
the hybrid damage rate model. Relationships between inelastic 
strain amplitude and slip band spacing and between stress 
amplitude and oxygen penetration depth were used for 
assumptions of crack nucleation length and macro-crack 
initiation length respectively. The resulting manipulations 
of the crack propagation model provided a method for 
estimating the values of the exponents n and m in the model 
based on the (Ae N/2) versus ti  data. Important to the 
determination of n and m was the development of the 
constraint, k = n'/2, which resulted from the micromechanical 
arguments mentioned above. 
Of course, it is was more physically appealing to 
include an explicit dependence on environmental damage. An 
analysis was conducted assuming a parabolic-type oxygen 
penetration process in the crack growth model; i.e. acKt-11 /2 
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term was included. It was discovered the parameters of the 
model (n,m,R) could be determined from the comparison of the 
(AE N/2) versus t curves for vacuum versus non-vacuum 
fatigue test data. The procedure for performing these 
computations was outlined and discussed. 
It must be noted that the groundwork for the 
nonisothermal crack initiation model developed in this 
report does not include any physical investigation of creep-
fatigue interaction. It is important for further improvement 
of the hybrid Damage Rate/Continuum Damage model that the 
confirmation of the creep-fatigue interaction proposed first 
by Majumdar and Maiya [27] (and adopted and modified in this 
study) be carried out. Experiments which combine fatigue 
with hold times should be undertaken to investigate the 
creep-fatigue characteristics of the MAR-M 246 superalloy 




MECHANICAL TESTING PROCEDURE 
Extensometry  
Creep Testing 
The apparatus used in the creep investigation was an ATS 
four arm extensometer for high temperature service. Four 
arms are used (two on both the top and bottom knife-edge 
brackets) to ensure completely vertical travel. Outside the 
furnace, a caliper was mounted to the extensomter for 
zeroing of the ATS capacitance gauge - also mounted outside 
of the furnace. The capacitance gauge has a resolution of 
1x10 5 inches (0.01%) for a maximum amplified output of ten 
volts. This maximum reading, conditioned by a capacitance 
amplifier, corresponds to 0.2" of displacement. 
A set of split-ring adapters were used to convert the 
0.75" diameter specimen clamps to the 0.25" diameter gage 
section of the specimen. Since LCF type button-head 
specimens were used, a set of MAR-M 246 specimen adapters 
were required to attach the test sample to the 0.75" 
diameter pull rods. The pull rods attached to the adapters 
were also fabricated out of MAR-M 246 to ensure proper 
performance of the mechanical system at the operating 
temperature of 900°C. 
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Tensile and LCF Testing  
The extensometer is extremely important in strain 
controlled testing. The extensometer used for the tensile 
and low cycle fatigue program was based on a modification of 
an MTS Model 632.11 clip gauge for isothermal high 
temperature application. The extensometer consisted of two 
0.25" diameter alumina rods 3.5" in length connected to two 
0.25" diameter stainless steel tubing (also 3.5" in length) 
split at one end to accomodate the rods. At the connection 
point, a Teflon hinge was clamped to secure the tube/rod 
joint and to provide flexure to the apparatus. Rectangular 
aluminum blocks with groves on one side and cyclindical 
plugs on the other were used for attachment between the clip 
gauge and the pivoting arms. The plugs were glued into the 
other ends of the stainless steel tubing and the knife edges 
on the clip gauge were fit into the grooves on the other 
side of the aluminum blocks. The knife-edges were held 
secure to the pivot arms by spring attachments. The opposite 
ends of the alumina rods were ground to a sharp wedge point 
using a diamond faced wheel. A bored and half-split aluminum 
block was clamped by a set screw to each alumina rod 
approximately 1.5" from the tips. 
The complete extensometer assembly was suspended from a 
column of the load frame using an aluminum bracket with two 
pulleys. A counter-weight was tied to one end of a thread 
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and draped over the pulleys for connection to a wire loop at 
the center of gravity on the extensmeter. The alumina tips 
were held against the gage section of the specimen using a 
bracket on the opposite column of the load frame. On this 
bracket, two spring with glass hook assemblies were drawn in 
tension and hooked to looped wires secured to the aluminum 
half-split blocks described above. Spring tension was 
adjustable via a sliding action of the second bracket. 
The calibration of the modified extensometer was 
accomplished with a precision INSTRON extensometer 
micrometer calibrator. After recording voltage output as a 
function of strain (compressive and tensile) as dictated by 
the micrometer, linear regression was performed on the data 
to determine the calibration correction for the MTS stain 
control electronics. 
Data Aquisition and Reduction : Tensile and LCF Testing  
Data aquisition for the tensile and low cycle fatigue 
testing was achieved with a NICOLET Model 2090:2B digital 
recording oscilloscope. Digitized strain gauge and load cell 
output voltages were written to floppy disks for processing. 
Digital data files for time versus load and time versus 
strain were converted to ASCII data via an S-CUBED 2090 
access card installed in an IBM AT computer. This equipment 
was supported by a digital data processor software package, 
also manufactured by S-CUBED, named "Vu-Point". Basic 
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programs were used to convert and collate the separate data 
files to produce stress versus strain data - in a proper 
format for plotting. 
In addition to the digital oscilloscope, a hardcopy X-Y 
recorder was used to produce hysteresis curves as backup to 
the NICOLET data. A strip-chart recorder was also 
facilitated to record load versus time data. This was 
especially useful when crack growth was initiated since the 
"load" would drop in magnitude, thus signaling imminent 




Guide to Creep Analysis Numerical Procedures 
I : Estimation of constants DINT,  B, k(crin ), 	and k(aum ) 
STEP 1: Choose a value of DINT .  Based on studies of IN 100, 
the value of D INT  should be in the proximity of .10. 
STEP 2: Choose a value for B. 
STEP 3: With solutions to the creep continuum damage 
equation based on the constant stress 413 MPa test 
and the 300 MPa test, determine k(an ) and k(amm ) 
respectively, using equations (4.8) and (4.9). 
STEP 4: Use the values of D INT  , B, k(a ), and k(aLOW ) HI  
determined in steps 1-3 in an iterative solution to 
the continuum damage equation based on the step 
stress sequence test. Use equations (4.7a) and 
(4.7b). 
STEP 5: If the solution to STEP 4 converges for k(aHI) 
slightly greater than k(amm), go to STEP 6; else, 
return to STEP 2 and alter the value of B. 
90 
91 
STEP 6: The values of B, k(crin ), and k(a ) are determined 
for the value of D chosen in STEP 1. These 
INT 
results are recorded in Table 6. Use these results 
of D INT  and B a final time in equations (4.8) and 
(4.9) to determine a further estimation of k(a in ) and 
k(aum) - also recorded (in parentheses) in Table 6. 
STEP 7: Return to STEP 1 and repeat the process for another 
value of D . 
INT 
Procedure II : Numerical solution to the coupled strain/damage 
equations for two constant stress creep tests. 
STEP 1: Numerically solve the set of two, nonlinear, 
coupled differential equations (4.3) and (4.11) for 
the higher stressed creep test. Use the most reason 
-able value for k(a HI ), and the corresponding value 
of B from Table 6. Choose a value for Y. 
STEP 2: Alter the value of B until the value of the creep 
damage parameter, D, is equal to unity at the 
experimental rupture time of the high stress level 
test. 
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STEP 3: Without changing the parameter B, alter the value 
of v until the numerical solution to nominal strain 
at rupture equals the experimental result. 
STEP 4: Adjust the values of A and/or n from the results of 
equation (4.1) to improve the closeness of the 
numerical/experimental nominal creep strain data. 
This is done graphically; i.e. refer to Figure 6. 
STEP 5: Using the values of B, A, n, and v determined in 
steps 1-4, numerically solve equations (4.3) and 
(4.11) for the lower stressed creep test. Initially, 
use the value of k(a ) as a first approximation to 
k (aLem ) . 
STEP 6: Do not change the value of B, but instead alter the 
value of k(aL  ) until D = 1 at the experimental 
time to rupture of the low stress level test. 
STEP 7: Do not alter v, but attempt to improve numerical 
and experimental correlation by changing the value 
of A. 
(Results to these numercal solutions are shown in 
Figures 6 and 7 and in Table 7.) 
APPENDIX C 
TENSILE AND LCF RESULTS 
Data Organization  
All low cycle fatigue test data is shown in Table 5. 
Cyclically stable hysteresis loops for each strain amplitude 
at each strain rate tested are shown in Figures 11, 12, and 
13. As described in Appendix A, stress-strain data was 
aquired via a digital recording oscilloscope. With this 
equipment, approximately 500 to 1000 data points were 
recorded per cycle (depending on the time-per-cycle for a 
given test and the available time-per-point sweep times on 
the oscilloscope). Observed in some instances, a low 
amplitude high frequency electrical signal was present in 
the test equipment electronics. In an attempt to reduce the 
noise in the stress-strain data, a five-point averaging of 
the data sets was performed during data reduction. The 
result of this procedure is shown in Figure 9. Note how the 
averaged data set represents the character of the hysteresis 
loop quite closely. 
The data for the five tensile tests performed are shown 
in Figure 10 and the tensile properties are given in Table 4. 
Note that for the 10 -3 sec-1 strain rate test, failure did 
not occur before unloading the specimen after 5% strain was 
93 
reached. The same procedures for "smoothing" the data with a 
five point averaging technique, as was performed on the LCF 
data, was carried out in this case as well. 
Coffin-Manson Fatigue Life Behavior  
Although the intention of this study was not to develop 
Coffin-Manson data, the low cycle fatigue data is presented 
in this form as a matter of convenience of comparison to 
other materials. Please note that in the MAR-M 246 data 
reduction, inelastic strain was used in all analyses; no 
attempts were made to remove creep strains from the fatigue 
data. 
The inelastic strain amplitude may be related to fatigue 
life by the familiar expression, 






) c (C. 1) 
where, (Aer/2) = inelastic strain amplitude 
2N = number of reversals to failure 
f 
e = fatigue ductility coefficient 
c = fatigue ductility exponent 
The (Aer/2) data points were determined from the relation, 
N 
	AE 
2 = 2 - 2E 
(C.2) 
where the total strain amplitude and the stress amplitude 
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were determined directly from the hysteresis loop data. The 
value for the Young's Modulus, E, used here was the average 
value of those determined from each of the tensile tests 
(see Table 4). The linear regression of this data on a log-log 
basis is shown in Figure 14, and the resulting values for the 
parameters e ' and c are listed in Table 8 for each strain 
rate employed. An error analysis was not considered 
meaningful for this analysis (or for the other fatigue-life 
relationships) due to the limited number of data points 
obtained. 
It is important to note that the use of this type of 
argument to explain fatigue behavior is clearly 
inappropriate. Plasticity varies continually throughout the 
life of a fatigue test and never stabilizes except in terms 
of the "rate" of increase. There is more contributing to 
fatigue damage (especially at elevated temperature) than 
inelastic strain, and this is in large, environment. 
Life was also plotted and correlated against stress 
amplitude (Figure 15) and total strain amplitude (Figures 16, 
17, and 18) for each strain rate using the following 
respective relations : 
7.7
cr 
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where, 	a' = fatigue strength coefficient 
b = fatigue strength exponent 
E = average Young's Modulus = 145.5 GPa 
The resulting parameters, a f ' and b, for the stress 
amplitude versus fatigue life correlations are presented in 
Table 8. Note that in determining the total strain amplitude 
versus life curves, the average value of Young's Modulus was 
again used. The data represented by the solid line in the 
total strain versus life curves was generated from 
expression (C.4) with the parameters determined and recorded 
in Table 8. The lines represent approximately 100 data 
points each. The sets of three data points also on these 
curves were determined directly from the hysteresis loops 
themselves (see Table 5). 
Monotonic and Cyclic Stress-Strain Behavior  
The tensile behavior of the MAR-M 246 specimens may be 
described, from the onset of yielding to the ultimate load, 
by the stress-strain relation, 
a = K(E N ) n 
	
(C.5) 
where K is defined as the strength coefficient and n is the 
strain hardening exponent. These parameters were determined 
by a simple linear regression of the tensile data (stress 
versus inelastic strain up to the U.T.S) on a log-log scale. 
The results are listed in Table 4. 
The cyclic stress-strain behavior may be described 
similarly by the relation, 
Ac/2 = K' (Ae N/2) n' 
	
(C.6) 
where K' is the cyclic strength coefficient and n' is the 
cyclic hardening exponent. 
Two approaches were utilized for determining the 
parameters of equation (C.6) from stablized hysteresis loop 
data (see Figures 11-13). The first method used the 
hysteresis loop "shape". By this it is meant that a new 
coordinate system was set up at the lower (compressive) tip 
of a hysteresis loop for a given strain rate. Stress and 
inelastic strain data points were taken along the hystersis 
loop, measured relative to the new coordinate system's 
origin. These points defined a monotonic-type curve with 
stress-inelastic strain magnitudes double that of a similar 
tensile test. The data (divided by two) was then fit using a 
linear regression on a log scale to determine K' and n'. The 
calculations, performed at each strain rate, are shown in 
Figure 19a and the results are listed in Table 9a. 
The second approach for determining K' and n' was 
accomplished by using the hysteresis loop tips. For a given 
strain rate, the tips of the stable hysteresis loops 
(tensile side) at each tested strain amplitude were fitted 
97 
on a log scale with a linear regression technique. These 
calculations are shown in Figure 19b and the results are 
given in Table 9b. When comparing the results of the two 
determinations of K' and n', it is important to note that 
the latter described calculations are based on a relatively 
small number of hysteresis loop tips and, hence, this 
procedure has a much lower confidence level that using the 
hysteresis loop shapes. 
It is important to observe that the values of n' are 
greater than the values of n at each tested strain rate. 
This would imply that the MAR-M 246 specimens cyclically 
harden. This characterization is supported by the hysteresis 
loop data, although not to the degree suggested by the 
relative difference in the values mentioned above. The 
fatigue tested MAR-M 246 specimens demonstrated a small 
amount of cyclic hardening before cyclic stability was 
achieved relatively early in the fatigue life (i.e. well 





Program I : CREEPFIT.FOR 
This FORTRAN program was developed to perform a Gauss-
Seidel iteration of two equations derived from the creep 
damage rate equation. The number of iterations was variable. 
Constants D INT  and B were entered on-line. Constants k(a HI ) and 
k(a m) were estimated via the iteration process initiated with 
guesses derived from two special-case solutions to the creep 
damage rate eqution (as explained in Chapter IV). 
Program II : CREEPDE.FOR 
This FORTRAN program was written to solve a set of two 
first order differential equations using a fourth order Runge-
Kutta method. The equations themselves were used in functions 
- allowing for easy alteration. The application of the process 
to the creep strain rate and creep damage rate equations is 
outlined in the program documentation. The step size was 
adjusted in order to produce fifty data points of time versus 
creep strain and creep damage. 
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C Program : "CREEPIT.FOR* 
C 
C Program to perform a Gauss-Seidel iteration to solve two coupled 
C non-linear equations to roughly determine acceptable ranges of four 




DOUBLE PRECISION D,B,KHI,KLOW,C1,C2,C3,C4,XMPA 
PRINT *,'Enter initial guess for B and Dint :' 
READ *, B,D 
PRINT *,'Enter maximum number of iterations : 
READ *, N 
C 
C Stresses are converted to MPa in this analysis. 
C 
XMPA - 6.895 
SIGHI 	60.20*XMPA 
SIGLOW - 43.42*XMPA 
C 
C Time to failure of the creep tests. 
C 
TRLOW 	- 174.7 
TRHI - 27.3 
C 
C Times of interupted creep test. 
C 
TINTHI - 13.8 
TINTLOW - 140.0 
C 
C Calculate equation constants. 
C 
R - 5.76 
Cl - SIGHI**R * TRHI 
C2 - SIGLOW**R * TRLOW 
C3 - SIGHI**R * TINTHI 
C4 - SIGLOW**R * TINTLOW 
C 
C "Solve" equations for the non-interupted tests to obtain 
C a first guess for parameters in the interupted equation analysis. 
C 
KHI 	1./(C1*B) - 1. 
KLOW - 1./(C2*B) - 1. 
PRINT *, 1 K(hi) implicit -',KHI 






C Iterate on the other two equations using the implicit 
C calculations as a first guess. 
C 
DO 10 I-1,N 
KHI — (1.-(1.-D)**(KHI+1.))/(B*C3) - 1. 
KLOW — (1.-D)**(KLOW+1.)/(B*C4) - 1. 
PRINT *,'N 






C PROGRAM : "CREEPDE.FOR" 
C 
C Program to solve a 2 x 2 system of first order, non-linear differential 
C equations using the fourth order Runge-Kutta method. 
C 
C The purpose of this program is to numerically fit experimental data 
C from two creep tests (a high stress level test and a low stress level test) 
C with a Creep Damage Rate equation coupled with a Creep Strain Rate equation. 
C 
C FITTING STRATEDGY : 
C 	1). The constants B and k in the Damage Rate Equation are manipulated 
C to produce a creep damage parameter of 1.0 at failure. 
C 	2). The non-linear creep parameter "NU" is adjusted until failure 
C occurs at the experimental value of e(failure). 
C 	3). The creep strain rate equation amplitude constant A is adjusted 
C to improve the analytical/numerical correlation. Close correlation 
C 	 is stressed in the lower creep strain range. 
C 
C Results (time, creep strain, creep damage parameter) are written to FOR011.DAT 
C 
IMPLICIT REAL (A-H,K-Z) 
INTEGER I,J 
DIMENSION YN(2),K0(2),K1(2),K2(2),K3(2) 
COMMON /BLK1/ NU 
COMMON /BLK2/ SIGMA 
COMMON /BLK3/ K,B 
PRINT *,'Enter stress level in ksi (59.96 or 43.46)...' 
READ *, STRESS 
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C Stress level is converted and used in Pascals in this analysis. 
C 
STRESS - 59.96 
SIGMA - STRESS*6.895 
PRINT *,'Enter value for k(sigma) 
READ *, K 
PRINT *,'Enter amplitude parameter B 
READ *, B 
PRINT *,'Enter guess for nu...' 
READ *, NU 
C 
C Set the step size. 
C 
PRINT *,'Enter time to rupture of test (hours) :' 
READ *, DUR 
PRINT *,'Choose the number of points to be calculated :' 
READ *, STEPS 
H 	(DUR-2.)/STEPS 
C 
C For both creep tests, secondary creep initiated at approximately two hours. 
C Thus, t-2 is the "initial" time. 
C 
T - 2.0 
C Initial values: 
C 	For sigma - 60. 




YN(2) - 0.0 
0 ksi --> 
5 ksi --> 
96) YN(1) 
46) YN(1) 
e(initial) - 0.00814 in/in. 








C In "stepping" loop, increment time and place previous values 
C of yl,y2 into the variables : Yl , Y2 respectively. 
C NOTE : Yl -> Strain 	Y2 -> Damage Parameter 
C 
DO 20 I-1,NINT(STEPS) 
T 	T + H 
Yl - YN(1) 
Y2 - YN(2) 
C 
K0(1) - H*F(Y2) 










K2(1) - H*F(Y2+.5*K1(2)) 
K2(2) - H*G(Y2+.5*K1(2)) 
C 
K3(1) - H*F(Y2+K2(2)) 
K3(2) - H*G(Y2+K2(2)) 
C 
WRITE(11,*) ' 
WRITE(11,*) 'Time -',T,' hours' 
DO 10 J-1,2 
YN(J) - YN(J) + (KO(J)+2.*(K1(J)+K2(J))+K3(J))/6. 
IF(J.EQ.1)THEN 
WRITE(11,*) 'e -',YN(1) 
ELSE 








C Make the equations "FUNCTIONS". 
C * CREEP STRAIN RATE EQUATION * 
C 
REAL FUNCTION F(Y2) 
REAL Y2,A,SIGMA,XN,NU 
COMMON /BLK1/ NU 
COMMON /BLK2/ SIGMA 
A - 2.80E-21 
XN - 6.66 




C * CREEP DAMAGE PARAMETER EQUATION * 
C 
REAL FUNCTION G(Y2) 
REAL Y2,SIGMA,K,R,B 
COMMON /BLK2/ SIGMA 
COMMON /BLK3/ K,B 
C 
IF(K.EQ.0.0)THEN 
PRINT *,'ERROR IN K' 
ENDIF 
R 	5.76 
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Table 1 : Chemical Composition 






Ni Bal. Bal. 
W 10 9.13 
Co 10 9.84 
Cr 9 9.17 
Al 5.5 5.17 
Mo 2.5 2.38 
Ti 1.5 1.47 
Ta 1.5 1.33 
Zr 0.05 0.02 






All values are in weight percent. 
* Ref. [50] 
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Table 2 : Test Matrices 
a. Creep Tests 
Specimen I.D. 	 Load (MPa) 
G23 	 414 
G21 300 
G19 	 414 for half-life of G23 
test then 300 until rupture 
b. Tensile Tests 
Specimen I.D. 	Strain Rate 	Maximum Allowable Strain 
-1. 	1. G13 	 10 sec- 	 10 % 
Gil 10 -2 10 
G15 	 10 -3 5 
G3 10 -4 10 
G1 	 10 -.5 10 
c. Low Cycle Fatigue'Tests 






































Table 3 : Creep Test Data for MAR-M 246 







































Creep Strain Rate 
(ess ) 
- 	- 81.1 x10 5  h 	1 r 
61.4 x10 -5 
9.53x105 
7.25x10-5 









Notes : a. Test G19 was a step-stress sequence test; loaded to 415 MPa for 
one half of the time to rupture of test G23 and then, 
b. loaded until failure at the stress level of test G21 
c. After the initial creep analysis was completed, tests were performed 
to aquire an indication of the scatter in the constant stress creep 
test data. 
Table 4 : Tensile Test Data for MAR-M 246 
in Air at 900°C 
Specimen Strain Strain to 	Young's 	0.2% Yield U.T.S. 
I.D. 	Rats 	Failure Modulus Strength 	(MPa) 	(MPa) 
(sec I ) (%) 	(GPa) b. 	(MPa) c. d. 	e. 
1 0_ i 10 G13 	 5.9 	156.41 	 814 	1051 	1332.97 	0.06991 
Gil 	10-2 	7.2 	161.00 	 851 	950 	1049.93 	0.02666 
G15 	10-3 	a. 	140.40 	 729 	821 	907.21 	0.02589 
G3 	104 	4.3 	146.62 	 611 	706 	885.83 	0.05446 
G1 	10- 	3.2 	123.14 	 570 	695 	899.72 	0.06186 
NOTES : a. Specimen strained to 5% strain and then unloaded. 
b. Average Young's modulus = 145.51 GPa. 
c. Ultimate Tensile Strength 
d. K = Strength coefficient 
e. n = Strain hardening exponent 
Table 5 : LCF Test Data for MAR-M 246 



































































































NOTES : a. The use of this small strain amplitude data point resulted in 
unreasonable values for the fatigue life constants. Therefore, 
it was not used in the determination of those values. 
b. A tensile mean stress of 86.65 MPa was present in this test. 
Since this was on the order of only 10% of the yield stress, it 
was felt that a correction on the strain/life parameters was 
unnecessary. 
c. Specimens failed outside the gage length of the,extensometer. 
d. After 143644 reversals, it became evident that this small strain 
amplitude (0.2%) test was in the HCF regime. The strain amplitude 
was changed to 0.4% and failure occurred 1080 reversals later. 
Table 6 : Estimated Values of Constants for 





k (an ) 	 k(aLOW ) 
.05 2.43x10-18 8.76 (11.53)* 8.74 (11.86)* 
.07 3.43x1018 5.97 (7.87) 5.89 (8.11) 
.10 4.98x10 --3 8 3.80 (5.11) 3.75 (5.27) 
.12 6.05x10-18 2.93 (4.03) 2.91 (4.16) 
.15 7.70x1018 2.08 (2.95) 2.07 (3.06) 
.17 8.82x10 -18 1.70 (2.45) 1.68 (2.54) 
.20 10.55x10 18 1.26 (1.89) 1.24 (1.96) 
D
INT 
: Creep damage parameter. 
B : Temperature dependent constant. 
k(c ) : Stress-dependent constant for high stress level 
creep test. 
k(aum): Stress-dependent constant for low stress level 
creep test. 
NOTE: Values in parentheses are determined from the 
solution of the continuum damage equations for 
constant stress creep (equations 4.8 and 4.9) with 
the B values given in the table. Values beside the 
k(a i ) estimates are based on the 413 MPa creep test, 
an& those next to the k(a
LOW 
) estimates are based on 
the 300 MPa test. 
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Table 7 : Creep Characterization Constants 
Constant 
	
413 MPa 	 300 MPa 
Test Test 
k(a) 	: 	 5.11 	 4.72 
A 	 2.8x10-21 	 2.4x10-21 a. 
n 6.66 	 6.66 
✓ 5.76 	 5.76 
B 5.51x10-16 	 5.51x10 " b. 
v 	: 	 3.9 	 3.9 
NOTES: a). Original calculation of A, based on 
n = 6.66 and equation (4.1), was 3.0x10 -21 . 
b). Original estimate of B was 4.98x10-16 . 
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Table 8 : Coffin-Manson Fatigue 
Life Constants 

























: Fatigue strength coefficient. 
b : Fatigue strength exponent. 
f 
: Fatigue ductility coefficient. 
c : Fatigue ductility exponent. 
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Table 9 : Cyclic Constants for MAR-M246 
Tested in Air at 900°C 
a. Constants calculated using hysteresis loop shape : 
Strain Rate 	 K' 	 n'  
10-2 sec-1 	2016.04 MPa 	0.1187 
10
3 	
2906.50 	 0.2290 
10 -4 	 2231.98 	 0.2037 
b. Constants calculated using hysteresis loop tips : 
Strain Rate K' 	 n'  
	
3505.67 MPa 	0.2174 * 
1630.01 	 0.1219 * 
2194.27 	 0.1908 * 
10-2 sec 
10' 
K' : Cyclic strength coefficient. 
n' : Cyclic hardening exponent. 
* NOTE: These calculations are based on a relatively small 
number of hysteresis loop tips and, hence, this 
procedure has a much lower confidence level than 
using the hysteresis loop shapes. 
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Figure 2. Schematic of the calibration specimen for tensile 
and LCF testing in air at 900'C. Thermocouple #1 
was used for control. 
e c 
e 8 
Figure 3. Schematic of sectioning techniques in preparation 
for optical observation (A and B) and electron 
microscopy (C). Optical segments were mounted in 
diallyl phthalate. 
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Nominal Creep Strain (in/in) 
20 	4D 	60 	80 	100 	120 	140 	160 	180 
Time (hours) 
Figure 4. Nominal creep data for MAR-M 246 tested in 
air at 900°C. 
a). a = 413 MPa 	b). a = 300 MPa 
c). a = 415 / 299 MPa step 
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Figure 5. Determination of the creep damage constant r. 
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Figure 6. Numerical analysis of creep strain rate equation 
versus experimental creep strain data for MAR-M 246 
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Figure 7. Numerical analysis of creep strain rate equation 
versus experimental creep strain data for MAR-M 246 
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Figure 8. Creep damage parameter versus normalized time for 
two constant -stress creep tests of MAR-M 246 in 
air at 900°C. 


















,,,i,,f,, ,1,,,I,,,,, - 1000 " ' 
-1.00 
Figure 9. Hysteresis loop with 5-point averaging of the data 
compared with complete data set. Data is from a 
MAR-M 246 test in air at 900°C with a strain rate 
of 10-3 sec and a strain amplitude of 1.0%. 
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X = Specimen Failure 
0 = Test Halted 
Figure 10. Tensile test data for MAR-M 246 tested in air at 































Cc • 86.65 HPa 
















Figure 11. Cyclically stable hysteresis loops for LCF tests 
at 900°C in air at a strain rate of 10 -2 sec-1 . 
Strain amplitudes are : 
a). 1.0% 	b). 0.6% 	c). 0.4% 
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Figure 12. Cyclically stable hysteresis loops for LCF tests 
at 900°C in air at a strain rate if 10 -3 sec-1 . 
Strain amplitudes are a). 1.0% 	b). 0.8% 
d). 0.4% c). 0.6% 
44TIMENSWRININT wool* 
STRESS CNN/ a. 
130 









t 	. I 	  I 	 
..., 
0.00 










- 1 000 1 
Figure 13. Cyclically stable hysteresis loops for LCF tests 
at 900°C in air at a strain rate of 10 -4 sec -1 . 
Strain amplitudes are : 
a). 1.0% 	b).0.8% 	c). 0.4% 
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Figure 14. Inelastic strain amplitude versus number of reversals 
to failure for MAR-M 246 tested in air at 900°C. 
Strain amplitudes are: 
a). 1.0% b). 0.8% c). 0.4% 
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Figure 15. Stress amplitude versus number of reversals to 
failure for MAR-M 246 tested in air at 900°C. 
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a : Total strain amplitude data points. 
(Ref. Table 5) 
Figure 16. Coffin-Manson strain-life curve for MAR-M 246 tested 
in air at 900*C at a strain rate of 10 -2 sec-1. 
Total Strain Amplitude (in/in) 
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A : Total strain amplitude data points. 
(Ref. Table 5) 
Figure 17. Coffin-Manson strain-life curve for MAR-M 246 tested 






I 	11111111 	V 	11111111 1 	11111111 	 1111111 
1 	1 	t 11 11 11 	1 	11111111 1 	1 	1111111 	1 	t 	111111 
10 	100 	1000 





Total Strain Amplitude (in/in) 
135 
L : Total strain amplitude data points. 
(Ref. Table 5) 
Figure 18. Coffin-Manson strain-life curve for MAR-M 246 tested 
in air at 900°C at a strain rate of 10 -4 sec-1. 
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Figure 19. Determination of cyclic constants for MAR-M 246 tested 
in air at 900°C using, 
a.) hysteresis loop shape 
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Time to Failure (sec) 
o 10-2 sec-1  Strain Rate ; Slope = -0.96 
o 10-3 sec-1 Strain Rate ; Slope = -1.10 
a 10-4 sec-1 Strain Rate ; Slope = -0.89 
Figure 20. Inelastic strain amplitude versus time to failure 















Time to Failure (sec) 
❑ Inelastic Strain Amplitude = 0.0060 in/in , Slope = -1.06 
a Inelastic Strain Amplitude = 0.0009 in/in , Slope = -1.02 
Figure 21. Strain rate versus time to failure for MAR-M 246 
tested in air at 900°C. 
Stress Amplitude (MPa) 
I0 
Relative Oxidation Penetration 
Slope = -0.19 
Figure 22. Stress amplitude versus relative oxidation depth 
for MAR-M 246 in air at 900°C. Parabolic kinetics 
assumed, as outlined by Antolovich [Ref. 28). 
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1 . 0 ms 
Figure 23. Longitudinal section through fracture surface of 
specimen G-12. Clearly seen is intergranular 
failure. Note aspect ratio and orientation of 
grains. TEST: i = 10-2 sec 	AE/2 = 1.0% 
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1.0 ma 
Figure 24. Longitudinal section through fracture suface of 
specimen G-8. Secondary cracking initiating at 
grain boundaries is evident. 
TEST: i = 10-4 sec 1 Ae/2 = 0.8% 
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0.2 mm 
Figure 25. Detail of secondary cracking of specimen G-8 
(Ref. Figure 24) 
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0.1 mm 
Figure 26 . SEM micrograph of fracture surface of specimen 
G-12. Grain dislocation is shown near the edge 
of the fracture surface. Note the intergranular 
failure. 




Figure 27. SEM micrograph of fracture surface of specimen 
G-4. Surface is planar with wave fronts of 
time-dependent deformation evident. 
TEST PARAMETERS: i = 10-4 sec-1 AE/2 = 0.4% 
0.05 mm 
Figure 28. SEM micrograph of 
intense slip band 
gage section just 
TEST PARAMETERS: i 
secondary cracking and 
traces along specimen G12 
below the fracture surface. 




Figure 29. SEM microgaph of grain boundary (verticle) with 
intersecting slip bands (horizontal) on 
specimen G8. 
TEST PARAMETERS: i = 10 -4 sec-1 Ac/2 = 1.0% 
0.05 mm 
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Figure 30. SEM micrograph of specimen G4. Secondary crack 
along grain boundary at a triple point. Note 
fracture surface at top of photograph. 
TEST PARAMETERS: i = 10 4 sec 1 Lie/2 = 0.4% 
0.02 am 
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Figure 31. SEM micrograph of gage section of specimen 
G22. Secondary cracking initiated at grain 
boundaries. A relatively low intensity of slip 
bands present. 
TEST PARAMETERS: ; = 10-2 sec-1 ae/2 = 0.4% 
